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ABSTRACT 
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Numerical schemes for simulating high strain rate, large deformation events usually require some form 
of fracture or failure algorithm to fully describe the material response. This paper firstly reviews 
several of the more commonly available ductile failure models for metals, including an explicit void 
nucleation and growth model know as the Tvergaard-Needleman-Gurson (TNG) model and a new 
path dependent model attributed to Goldthorpe. The need for precise validation tests is explained and 
the advantages of the interrupted notched tensile test outlined together with some typical results and 
the description of a new technique for interrupted testing at high strain rates. The Goldthorpe mode! is 
demonstrated to be robust and accurate in predicting tensile failure across a range of conditions 
whereas the TNG mode! appears less generally applicable. The paper concludes by outlining the 
development of fracture algorithms to take account of the complexities of rea! materia! behaviour such 
as interactions between different modes of failure and directional anisotropy. 

INTRODUCTION 

High strain rate events such as ballistic impacts, vehicle crashes and high rate materials processing 
normally involve some form of material degradation or failure. One very common type of failure is 
ductile fracture arising from the nucleation, growth and coalescence of nicroscopic voids in the 
materials under a tensile stress field. Various numerical algorithms have been proposed over the 
years which purport to model this process of ductile tensile failure. Several of the more commonly 
available and widely used models are reviewed in the section that follows. Included in this review is 
the most popular model which explicitly calculates a void volume fraction as the state variable 
controlling ductile failure and alternative models which use the concept of a damage number for the 
same purpose. 

Whatever forms the fracture algorithm takes, it must be validated by means of precise and meaningful 
comparisons with experimental results which should ideally cover a range of loading and strain rate 
conditions, The paper therefore briefly reviews some of the more important test techniques before 
proceeding to concentrate on one in particular, the notched tensile test, that offers the opportunity of 
interrupting the failure process to provide a more accurate basis for comparison with numerical results. 
A new extension of this test to truly high strain rate loading conditions is described and some typical 
results presented. The paper concludes by discussing the relative merits of the different fracture 
models considered and recommending how these models should be enhanced to take account of 
some of the complexities of real materia! behaviour. 
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NUMERICAL MODELS OF DUCTILE FAILURE 

THE JOHNSON-COOK MODEL 

Based on the pioneering work of Hancock and Mackenzie [1] and their own tests on various metals 
[2], Johnson and Cook proposed a strajn~based ductile failure model in which a strain to failure Ef at 
each point In space and time within a numerical scheme is calculated as a function of the stress 
triaxiality parameter am/cry (where am is the mean stress and cry is the current materia! flow stress), the 
non-dimensional strain rate £ >1< and the homologous temperature T*: 

(1) 

where C, - Cs are constants to be determined from experimental data. 

At each time step, a cumulative damage parameter is calculated for each element 

where .0.£ is the current increment of plastic strain. 

When 0 reaches a certain predetermined value (usually unity), the element is assumed to have failed. 
In most Lagrangian numerical schemes, this involves simply setting the stresses in that element to 
zero, or removing it completely from the mesh using an element erosion algorithm. 

Although the mechanics of void growth in a ductile matrix as determined by the analyses of 
McClintock [3J or Rice and Tracey [4] is recognized in the relation between failure strain and stress 
triaxiality in equation (1), there is no strong theoretical basis for the remaining terms in t*and T". 
Hence this ductile exhaustion model is at best semi-empirical. However it is path dependent in the 
sense that the value of D depends on the history of loading (and not simply on the current state) and 
the scheme has been shown to be numerically robust and accurate over certain limited ranges of 
conditions. 

THE TVERGAARD-NEEDLEMAN-GURSON (TNG) MODEL 

From their studies of void nucleation and growth from second phase particles under notched tensile 
test conditions, Tvergaard and Needleman [5] proposed a failure model which explicitly calculates the 
void volume fraction as an independent parameter to indicate damage. The total rate of increase of 

void volume fraction f is considered to be the sum of the rates due to nucleation of new voids ( and 

due to growth of existing voids fg : 

(2) 

Assuming the matrix material to be incompressible, the void growth rate is given simply by: 

(3) 

where 1i is the volumetric plastic strain rate. 

Following the work of Chu and Needleman [6], either a stress or strain based nucleation criterion is 
used. The latter gives the nucleation rate as: 
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(4) 

where £ is the effective plastic strain rate and A is given by: 

(5) 

The terms fN and SN are the volume fraction and standard deviation of void nucleating particles, (;: is 
the local plastic strain and EN is the mean strain at which voids nucleate (usually assumed constant). 

The above void nucleation and growth model is usually combined with the Gurson yield surface which 
in its modified form as suggested by Tvergaard [7], gives the yield function as: 

(6) 

where O"e is the von Mises equivalent stress and QJ = 1.5 is a parameter introduced to take account of 
the effect of neighbourtng voids rather than the single void considered by Gurson. 

There can be convergence problems in implementing such a model in an explicit finite element code 
since the Gurson yield surface shrInks very rapidly when voids start to grow. The problem to be 
addressed is that of updating the known stresses and other state variables associated with the 
converged state at time to into their corresponding values which should lie on or very near the new 
yield surface at time tn+1. At Leeds, the stress update algorithm due to Ortiz and Popov [8] and Ortiz 
and Sima [9] has been adapted in order to implement the above failure model in the explicit 
Lagrangian code DYNA2D. This has been shown to be numerically robust provided a sensible limit is 
placed on the void volume friction when the material is assumed to have failed. 

GOLDTHORPE PATH DEPENDENT MODEL 

This model developed by Goldthorpe [10] uses the general principles of path dependency and void 
growth to calculate a new damage parameter S which depends on the value of hydrostatic tension 
integrated with respect to strain over the loading path: 

s ~ 0.67 J exp r ~ Gm - 0.04 ( Gm J_1.5J dE 
o l2 cry l cry 

(7) 

The first term in the exponent refers to the standard Rice and Tracey [4] equation for the growth of 
spherical voids whilst the second term takes account of the results of Budiansky et aL [11] for very low 
values of Om/cry. Failure is assumed to occur when the damage parameter reaches a certain critical 
value which can be determined from a simple uniaxial tension test where the hydrostatic tension can 
be identified at all points along the strain path. 

This model is relatively straightforward to implement in a Langrangian finite element code. At Leeds, 
this has been achieved by simply modifying the standard Johnson-Cook failure subroutine in 
DYNA2D. As with this latter an element in which the critical damage parameter is reached is simply 
removed from the mesh using an element erosion algorithm. This is considered a reasonable 
approach provided the mesh density is sufficiently fine; the small amount of mass lost when the 
element is removed may then be representative of the mass lost in reality due to fragmentation of the 
material. 
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EXPERIMENTAL VALIDATION 

When implemented in a numerical solver, a dynamic ductile fracture model should be robust, stable 
and not overly sensitive to numerical parameters such as the mesh density or time step. Furthermore, 
it should ideally be applicable over a range of conditions which may be quite different from the 
conditions under which the parameters of the mode! were derived. These requirements suggest that 
fracture models should be validated by comparison with experimental results from different types of 
dynamics test which may expose the limitations of each type of model. Tests which are commonly 
used for validation purposes include: 

(i) the plate impact spall test in which failure occurs under very high stress triaxialily but bw 
strain condition 

(ii) the Taylor test (ideally under symmetrical impact conditions) in which stress wave 
interactions cause regions of tensile plastic strain and localised failure to occur near the axis 
of the specimen 

(iii) the explosive cylinder test in which denotation of an explosive inside a thick wall cylinder 
causes a conical fracture surface to develop at one end of the cylinder 

(iv) the dynamic notched tensile test in which a range of stress triaxiality conditions can be 
produced at the centre of a tensile spec imen by pre-machining notches of different profile 
radius. 

Tests (I) and (ii) are well known and have been widely used to validate numerical models of material 
constitutive behaviour. Indeed test (i), the plate impact test, offers the possibility of using very 
accurate instrumentation (e.g. VI3AR) to precisely determine the response of the plate material during 
the test. The explosive cylinder test is less well known but has recently been used to compare the 
predictions of the TNG and Goldthorpe fracture models as implemented in the Lagrangian code 
DYNA2D [12J. An iron specimen sectioned after the test is shown in Fig. 1(a) in which the conically 
shaped fracture region is clearly visible. The Goldthorpe model results shown in Fig. 1(b} are in good 
agreement with both the position and extent of the fractured region. This was particularly encouraging 
because the critical damage parameter for the iron (3 c :;;: 2.2) had been derived from simple uniaxial 
tensile tests which give a very much lower level of stress triaxiality than in the cylinder test. In contrast 
Fig. 1 (c) shows that the TNG model grossly overpredicts the extent of the failure zone despite the fact 
that the coefficients for this version of the mode! were derived from plate impact spall tests Wlich 
produce similar values of stress triaxiality parameter (around 400). 

(a) (b) 

\ 
\ 

q ?~.-.-.~c·····c""~---i;--C---'c." 

~ ~ 

(e) 

Figure 1. Explosive cylinder test results for iron (a) experiment, (b) Goldthorpe model, (c) TNG model. 
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Test (iv), the notched tensile test, has been widely used to investigate the fracture characteristics of 
ductile metals e.g. [13]. It is relatively easy and cheap to perform and, with the aid of numerical 
simulations and an accurate constitutive relation, the conditions at the centre of the notch can be 
precisely determined as a function of the overall deformation of the specimen. The test can be carried 
out quasi-statically or dynamically at high strain rates using devices such as the tensile split 
Hopkinson bar or, in the case of the VDrk at Leeds, the so-called "Flying Wedge". The latter device, 
shown schematically in Fig. 2, applies a symmetrical simultaneously loading to each end of the 
specimen causing it to fail in a very short time duration. 

Figure 2. The 'Fying Wedge' dynamic tensile test apparatus 

By varying the impacting wedge semi-angles and its velocity, it is possible to produce strain rates in 
the specimens ranging from around 102 s'; upto in excess of 10<1 S-1 (locally, for small specimens). 
Furthermore, facilities to heat (using an induction furnace) or cool (using liquid nitrogen) the specimen 
are available to enable testing to be carried out over a range of temperatures as well as strain rates. 
Usually finite element analyses of the different notch profile radii are conducted using meshes such as 
shown in Fig. 3 to give predictions of the stress triaxiality and loca! deformation conditions at the 
centre of the notch. 
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Figure 3. Typical finite element meshes for different notch profile radius tensile specimens 
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INTERRUPTED TENSILE TESTS 

As disGussed above, ductile failure is a progressive process and, in validating a fracture model, it is 
highly desirable to be able to isolate and identify the various stages of the process. Unfortunately 
tests (1) - (iii) mentioned above, along with most other tests involving high impact velocities or 
energies, are not very amenable to this kind of study as it is quite difficult to interrupt or control the 
amount of damage occurring in the specimen. Test (iv), the notched tensile test, offers possibilities in 
this regard as in theory the test can be interrupted at different levels of deformation to allow 
examination of the specimen before final and complete fracture. In so doing, another serious 
disadvantage of the simple tensile test can be overcome, namely that conventionally comparisons are 
made between measured and predicted strains after the specimen has been broken. For ductile 
materials, there may be significant additional radial strain between the coalescence of voids to form 
microcracks at the centre of the neck/notch and the final separation of the specimen. This is due to 
the resistance of a ductile material to crack propagation and the reducing triaxial tension as the crack 
propagates towards the outside of the specimen. By interrupting the test at different levels of 
deformation, it should be possible by microscopy of sectioned specimens to delineate the different 
stages of the ductile fracture process and thereby provide a more accurate basis for the validation of 
fracture models (and indeed for optimiSing the parameters of such models). 

It is relatively straightforward to interrupt a quaSi-static tensile test at predetermined levels of 
deformation prior to fracture. A programme of such testing has recently been carried out at Leeds on 
a number of different metals including OFHC copper, AQ80 pure iron and a rolled homogeneous 
armour (RHA) steel. Of these, copper was the most ductile and the test programme demonstrated 
that the onset of failure in terms of the first "sible appearance of voids and their coalescence to form 
microcracks occurred at strains much less than the final fracture strain. Furthermore, the different 
stages of the failure process were found to follow the same trend with respect to stress triaxiality as 
the strain at final failure (see Fig. 4). 

3.0 
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Figure 4. Results of interrupted tensile testing for OFHC copper 

These results were used to establish a stress triaxiality dependent criterion for void nucleation for this 
high purity copper which takes the usual form: 

EN ~ C, + C, exp (CJ ~: ) (8) 

where best fit constants C1 = 0.09, Cz = 19.98 and ~ = -5.54 where determined from the experimental 
results. This criterion was coded into the Leeds version of the TNG fracture mode! and is considered 
an important enhancement of the standard model in that the model can now take account of the low 
strains to nucleate voids under conditions of high stress triaxiality (e.g. as in the plate impact test) 
rather than resorting to a stress controlled criterion as has previously been required. 
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Figure 5. Interrupted test results for 1 mm notch radius RHA specimen 

Although much less ductile than OFHC copper and the AQ80 iron, the RHA was shown to suffer 
internal damage in the form of microscopically visible voiding at strains much lower than the final 
failure strain [14]. Furthermore, for the 1 mm notch profile geometry in particular, the main crack was 
seen to be temporarily arrested before eventually propagating to the outside of the specimen as 
indicated in the typical load-displacement curve shown in Fig. 5. 

As for copper it is therefore not valid to compare the predictions of a numerical fracture model for this 
material with experiment on the basis of the final separation strain. Instead a programme of 
interrupted tensile tests was used to identify a mean strain to cause void nucleation and these results 
compared with the DYNA2D predictions of strain to first element failure for the different fracture 
models described above. It can be seen from the comparative results shown in Table 1 that the 
Goldthorpe model using a critical damage parameter So ::: 2.2 indicated by uniaxial tests on plain 
specimens accurately predicts the magnitude of the nucleation strains with just a relatively minor 
overprediction for the smaller notch radii specimens. The TNG model, used in this comparison with a 
constant nucleation strain equal to 0.1, does not give such good agreement. Moreover, if the 
nucleation strain were made a function of stress triaxiality as indicated in eqn. (8), the correlation 
would be even poorer. The Johnson-Cook fracture model results are in good agreement with 
experimental strains to final fracture as expected since these experimental strains were used to derive 
the parameters of the modeL 

Table 1: Experimental and predicted failure strains for Rolled Homogeneous Armour 

Notch Mean Experimental Strains Numerically Predicted Strains 
Profile 
Radius .Final Void Goldthorpe TNG model JohnsoIl-

Fracture Nucleation model (nucleation Cook model 
(mm) (S, ~ 2.2) strain =0.1) 

4 0.825 0.697 1l.71l2 0.858 0.817 

2 0.597 0.499 0.498 0.596 0.602 

1 0.517 0.354 0.397 0.376 0510 

0.5 0.352 0.331 0.360 0.225 1l.362 
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DYNAMIC INTERRUPTED TESTING 

The experimental results described above were all obtained from quasi-static tests using a servo
hydraulic machine. It is relatively straightforward to stop such tests at a pre-determined level of 
deformation to allow specimens to be sectioned and examined microscopically. However it is much 
more challenging to conduct the same kind of interrupted testing on a truly dynamic high strain rate 
test facility. The Flying Wedge, for example, operates with many times more kinetic energy than that 
required to simply fracture the specimen and it is impractical to consider stopping the wedge itself mid
test after a controlled amount of specimen deformation has recurred. Instead a novel technique was 
developed which makes of a double-notched specimen design and a special split fixture which is 
clamped around the notch of primary interest as indicated in Fig. 6. 

The principle behind this arrangement is that only a certain amount of axial deformation, controlled by 
the use of shims, of the primary notch is allowed before the square shoulders on either side of the 
notch come into contact w'th the internal shoulders on the fixture. Further deformation and fracture 
then occurs in the secondary notch which is of slightly larger root diameter, leaving the primary notch 
intact for subsequent sectioning and microscopic examination. As indicated by the broken specimen 
in Fig. 6, this technique ha's been demonstrated to work successfully at high loading rates on the 
Flying Wedge for mild steel and, more recently, titanium alloy specimens. The technique will shortly 
be used to conduct the first programme of high strain rate interrupted tensile testing on the titanium 
and the results compared with those from the corresponding quasi-static tests. 

Figure 6. Double-notched specimen and split clamp for interrupted testing at high strain rates 
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FURTHER DISCUSSION AND FUTURE DIRECTIONS 

Of the various fracture models reviewed and investigated in this paper, the Goldthorpe path 
dependent model appears the most promising for the following reasons: 

• it is based on sound theoretical background concerning the growth of a spherical void in a 
plastically deforming material 

• the single critical damage parameter required can be determined from simple uniaxial tensile 
tests, 

• it has been shown to be numerically robust and to give accurate predictions of the onset of 
ductile failure in a number of tests for stress triaxiaJity conditions ranging from moderate (notched 
tensile test) to very high (plate impact test, explosive cylinder test). 

In contrast, the TNG model, although physically based, can be difficult to implement numerically due 
to the rapidly shrinking Gurson yield surface as voids start to grow. There are a number of parameter 
values that must be measured or assumed and there are two potential void nucleation criteria, one 
based on stress and the other on strain. 

Work reported in this paper has in fact indicated that the strain to nucleate voids for a nearly pure 
meta! such as OFHC copper should be a function of stress triaxiality rather than a constant value as 
assumed in the standard Tvergaard - Needleman model. Despite this modification, the TNG model 
has not been found to be particularly accurate in predicting the onset of failure in the notched tensile 
test. Furthermore, when applied to simulations of much more intensively dynamic events such as the 
plate impact or explosive cylinder test, the TNG mode! tended to grossly oVerestimate the extent of the 
fracture zone. 

The simple Johnson-Cook fracture model is basically a semi-empirical fit to experimental data 
generated by tensile tests over a range of stress triaxiality, strain rate and temperature conditions. As 
such it should work well in numerical situations of the tests from which the data was derived. What is 
less clear is how well the model can be extrapolated to more extreme conditions. However, the model 
is path dependent in the sense that the contribution to the damage parameter is calculated at each 
step dependent on the local conditions and it can be readily implemented in a numerical hydrocode to 
give robust solutions. 

Despite the good results obtained so far, one criticism of the current Goldthorpe model is that there is 
no direct link between the damage accumulation in the specimen (as measured by the damage 
parameter) and the constitutive or deformation model for the material. Thus the usual von Mises 
plasticity relations (with the accompanying assumption of zero volumetric strain) will continue to apply 
up to the point of fracture. In reality, the onset of damage in the form of microvoiding will cause an 
increase in volumetric strain and a corresponding reduction in the stress-carrying capacity of the 
material (which is what the TNG model aims to represent by means of an explicit void volume fraction 
and the Gurson yield surface). Thus there is a requirement to link the deformation and damage 
models by some feedback mechanism to -allow for calculation of volumetric strain and its effect on the 
stress-strain response of the material. 

Also the current Goldthorpe model is msed on growth equations for a simple spherical void. No 
account is taken of the potential interactions between neighbouring voids or that voids may grow to 
become non-spherical (oblate). These aspects are currently being investigated by the model's 
originators at QineUQ using a combined analytical/numerical unit cell approach. Also under 
consideration is how to account for mixed mode failure where for example tensile failure is 
accompanied by shear. An interim approach is to add a shear strain (Es) term multiplied by a material 
dependent constant A to the evolution of the tensile damage parameter S: 

S = 0.67 J exp f2 O'm - 0.04 (O'm fSJ dE + 
o l2 cry l cry ) 

(9) 
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What is required to investigate the validity of this simple approach is a test which produces a 
significant amount of both tensile and shear damage. Similarly, transitions between ductile and brittle 
modes of fracture need to be considered. For example, it has been demonstrated by means of 
dynamic notched tensile tests that, under certain conbinations of stress triaxiality and strain rate, a 
normally ductile metal will fai! in an almost completely brittle manner [13]. None of the fracture models 
discussed in this paper would currently be able to predict this transition without modification. 

Finally, there are issues of anisotropy to consider. Some form of directional anisotropy due to the 
effects of texture, crystallographic/molecular orientation or mechanical processing is present, to 
varying degrees, in most materials. This is reflected not only in a direction-dependent deformation 
response but also in different strains to failure for loading in different directions. For example, recent 
tensile tests on plain (unnotched) titanium alloy speCimens aligned both longitudinal and transversely 
with respect to the processing direction have indicated large differences in strains to failure, as shown 
at notch radius:::: 0 in Fig. 7 This is despite the fact that no significant difference in the material 
deformation response in the two directions could be determined. When notches are introduced to 
increase the level of stress triaxiality in the specimen, the failure strains for the two directions of 
loading converge so that, for a notch profile radius of 1 mm or less, there is no discernable difference, 
Fig. 7. 

0.5 
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Figure 7. Average failure strain vs. specimen geometry for titanium alloy in transverse and 
longitudinal directions 

Clearly uniaxial tests on this material would indicate different critical damage parameters or different 
strains to cause void nucleation in the two directions. What is not clear is how these parameters could 
then be incorporated in a numerical fracture model which takes account of this anisotropy under multi
axial loading conditions. One possibility would be to make use of an equivalent failure surface, such 
as illustrated for 20 loading conditions in Fig. 8. At present, only the points where the surface 
intersects the principal strain axes are known. Careful interpretation of multi-axial test data is required 
to determine the shape of the surface between these points. 
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Figure 8. Potential anisotropic failure surface in 20 strain space 

CONCLUSION 

Three different approaches to modelling ductile failure have been reviewed and their implementation 
within Lagrangian hydrocodes briefly discussed. Interrupted testing of notched tensile specimens 
provides a precise means of validating such models since it allows the different stages in the ductile 
failure process to be defined. Results confirmed that the onset of voiding is a strong function of the 
stress triaxiality at the centre of the notch which contradicts the usual assumption in the Tvergaard-
Need!eman~Gurson strain~control!ed model that voids nucleate at a constant strain. The TNG mode! 
gives rather poor agreement with results from interrupted tensile tests and other high rate experiments 
even when a stress triaxiality nucleation strain is specified. On the other hand, results from the 
Goldthorpe path dependent model appear promising across a range of different test conditions. 
However issues remain to be resolved with respect to how this model interacts with the material 
deformation response and also how it accounts for mixed modes of failure and material anisotropy. 
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ABSTRACT 

Numerical simulations are carried out in order to study the dynamic propagation of adiabatic shear 
bands inside a layer of finite length and finite thickness submitted to shear loading. After a period of 
transient response, a steady state is attained in which the bands propagate with a constant velocity. A 
special attention is accorded to the dependence of the stationary shear band speed upon a set of 
physical parameters. The evolution of the shear band speed is firstly determined as a function of the 
applied velocity. Then, a dimensional analysis provides a general law describing the role of all 
parameters on the propagation process. 

INTRODUCTION 

The use of very high strain rates in the actual forming processes frequently leads to the formation of 
adiabatic shear bands. This mechanism of formatton is now well known as it has been studied by 
many authors during the last decades (e.g. Clifton (1980), Bai (1982), Wright and Batra (1985), 
Molinari and Clifton (1987), Giovanola (1988), Molinari (1988)). However the phenomenon of 
propagation of these bands still needs to be explained. Experimental works have been carried out in 
order to reproduce the localization process and to observe the propagation of adiabatic shear bands. 
Thus, Marchand and Duffy (1988) managed to evaluate the speed of propagation of a shear band in a 
thin-walled HY 100 steel tube twisted at a strain rate of 1600s -1. They measured a speed of 
propagation of 520m/s in the case where only one tip of the band is supposed to propagate and 
260m/s in the case of a two-directional propagation. Numerical simulations were also conducted by 
Batra and Zhang (1994) to reproduce the experiments of Marchand and Duffy. Several values of strain 
rates were considered. They obtained a Slear band propagating in both directions along the tube 
circumference and with a non-stationary speed. A strong dependence of the speed of propagation on 
the nominal strain rate was also observed. The experimental and numerical work of Zhou et al. (1996) 
also provided very interesting information. They study the propagation of an adiabatic shear band in 
impacted prenotched plates made of C300 steel. A strong dependence of shear band speed on impact 
velocity, at lower impact velocities, and a tendency to saturate at higher impact velocities were 
observed. An analytical model, neglecting heat conduction, was also developed by Mercier and 
Molinari (1998) for a shear band propagating into an infinite layer of finite thickness submitted to shear 
loading. This model allowed to characterize the influence of strain hardening, strain-rate sensitivity, 
thermal softening and elastic shear modulus on the shear band speed and on the length of the 
process zone. The shear band velocity reported for a CRS 1018 steel was about 1200m/s. 

In this paper, numerical simulations are carried out to model the propagation of an adiabatic shear 
band in a layer of finite length and finite thickness submitted to simple shear. The results of the 
simUlations enable to obtain the evolution of the shear band propagation speed as a function of the 
applied velocity. A dimensional analysis is then realized to establish a general law describing the 
evolution of the shear band speed as a function of each problem's parameter. 

MODELLING. 

We assume the material to be elastic thermo-viscoplastic. The elastic law takes the following form: 

13 



(1) 

where qkl are the elastic moduli and cfkl is the elastic strain rate. The additive decomposition of the 
total strain rate d into elastic and plastic parts is supposed: 

In (1), <"<j = O"u - COjk O'ki - ffiik cr kj denotes the Jaumann rate of the stress tensor, with COjk being the 

antisymmetric part of the velocity gradient. 

The constituti\e law used to calculate the plastic part of the deformation is the one from Molinari & 
Clifton (1987): 

(3) 

where cre and D~q state for the effective stress and the effective plastic strain rate, respectively given 

by 

(j = (~s .. s .. )1/2 DP = (~dP.dP')1/2 
e 21J1J 'eq 3Ut] 

51] corresponds to the deviatoric stress tensor and d~ is given by the J2 flow theory: 

The cumulated plastic strain is defined by : 

t 

eP(t) = fD~q (t')dt' 
o 

(4) 

(5) 

(6) 

The flow stress level is scaled by K, £6 is a plastic prestrain, n is the strain hardening exponent (n>O), 

T is the absolute temperature, v (v>O) and m (m>O) are respectively the thermal softening and the 
strain rate sensitivity exponents. 

The values of this constitutive law's parameters are reported in table 1 for a CRS 1018 steel. 

At high strain rates (2103s-1_104s-1 for steels), a strong increase of the strain rate sensitivity is 
observed. This phenomenon is not accounted for by the law (3). However, by changing the value of m 
in this law, the influence of the strain rate sensitivity on shear band propagation will be analysed. 

Considering our problem as two-dimensional, the energy equation providing the evolution law for the 
temperature has the form: 

(7) 
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where c:p is the heat capacity, p is the mass density, k is the heat conductivity and ~ is the Taylor
Quinney coefficient which defines the fraction of plastic work converted into heat; usually ~ is taken 
constant and equal to 0.9. 

Table 1. Material parameters of C.R.S. 1018 steel 

Parameter K m n v Cp k P gP 
0 DIJ ~ 

C.R.S. 6300x10° 0.019 0.D15 0.38 500 50 7800 0.057 10 80 GPa 
1018 Pa J(kg Kr' WimK kg m-3 

A specimen of finite length L=200mm and finite height 2h=2.5mm is considered, see Figure 1. 
Boundary conditions vx=±V and vy;o;Q are prescribed at the frontiers y=±h. The displacements are 
imposed to be the same at x=O and x=L in order to better approach the tubular specimen of Marchand 
and Duffy. A geometrical defect is introduced in the middle of the specimen, at the left edge, to initiate 
the band. This defect is materialized by a reduction of thickness of 20% with respect to the rest of the 
specimen. Adiabatic thermal conditions are also assumed on the specimen boundaries. Finally, an 
initial velocity field is introduced to correspond to the field existing in Marchand and Duffy's specimen 
when the shear band initiates. This velocity field varies linearly from \Ix=-V on y=-h to ~=+V on y=h. 

A-A' 

~ 
y=h y 

y=-h 

Initial geometrical 
A- ,defect 

I 
HB! 

x 

+V 
same Ux 

and Uy at 
x=o and \~ 

x=O 
A'-
~rt-----------_/L-~~~~--~v:y~OO-_~x~~=L 

-v 
Figure 1. Schematic view of a finite layer of steel, length L=200mm, width 2h=2.5mm. Constant 
velocities Yx==±V and '1t==O are applied at the boundaries y=±h. Periodic boundary conditions are taken 
at the extremities x==O and x=L An initial geometrical defect is introduced (thickness 9def<e). 

The FE ABAQUSiExplicit code (2000) is used to perform the numerical simulations. The two
dimensional aspect of the problem is represented by the 'plane strain' CPE4RT elements. 

INFLUENCE OF LOADING CONDITIONS ON THE SHEAR BAND SPEED 

To study the influence of loading conditions on the shear band propagation speed, the following range 
of nominal strain rates is considered: from )'=400 to 2.4x105s-1 (corresponding to velocities V varying 

from 0.5 to 300mis as y = V / h). The shear band speed C is evaluated by following the equivalent 

plastiC strain isolines with time. After a transient, a steady state is attained in which too shear bands 
emanating from the boundaries x=O and x=L propagate with a constant velocity. 

Figure 2 shows the influence of the applied velOCity V on the shear band propagation speed C. Three 
distinct stages can be seen on this figure. The first one (stage I) is characterized by the quasi-linear 
dependence of C upon V. In stage II, the slope of the curve strongly decreases indicating that the 
shear band speed seems to saturate with the applied velocity. The particular velocity value V* 
separating stages I and II has been introduced by Lebouvier et al. (2000) and can be determined by 
the energy balance of the whole layer. The stage III finally shows a very slight evolution of C with V. 
These results are in good agreement with those reported by Zhou et al. (1996) for impact tests. 
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Focussing our attention on the lowest values of V, we can observe the existence of a critical velocity 
Vc , below which no shear band propagation is obtained. This last observation matches with the results 
of Zhou et al. (1996). Indeed, this minimum value had already been reported by these authors for 
impacted plates. 

C,ms- l 

900 stage lIT 

800 stage II 
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40 

20 
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V, 0 1 2 
100 

0 

0 V* 50 100 150 200 250 300 
V,ms'[ 

Figure 2. Effects of the applied velocity V on the stationary shear band speed C. A CRS 1018 steel is 
considered. The enlarged box shows the existence of a critical velocity Vc below which no propagation 
is observed. Note the presence of three stages. 

DIMENSIONAL ANALYSIS 

In this section, a dimensional analysis is made in order to understand the whole adiabatic shear band 
propagation phenomenon. A review of all the parameters which are able to influence the process is 
firstly made. 

According to Equation (7), the thermal behaviour of the material is represented by the following 
parameters: the specific heat Cp, the heat conductivity k and the mass density p. The influence of the 
thermal expansion is neglected here. 

As the elastic behaviour is assumed to be Hnear and isotropic, the elastic tensor is defined by two 
material constants only: the elastic shear modulus ~ and the Poisson's coefficient vp. The influence of 
the elastic shear modulus on the shear band propagation is analysed in this section. 

The fraction of plastic energy converted into heat is characterized, according to Equation (7), by the 
Taylor·Quinney coefficient ~. Several authors (Lipinski et al. (1990)) have shown that the value of ~ 
could vary as a function of the plastic strain. Therefore, the role of this parameter on the shear band 
propagation is also studied. 

According to equation (3), the constants describing the thermo-viscoplastic behaviour of the material 
are: strain hardening n, strain rate sensitivity m, thermal softening v, stress level K. 

Finally, the parameters related to the geometry of the specimen and to the initial and boundary 
conditions are the following ones: half-width of the sheared layer h, length of the layer L, defect 
thickness 8oor, initial temperature To, applied velocity V. 

The dimensional analysis is made in order to present and analyse the numerical results in a rational 
way. A special attention is accorded to the dependence of the shear band speed (C) with respect to all 
the parameters cited above. 
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Using the Vashy-Buckingham theorem, the dimensional analysis provides the following relationship: 

(8) 

where F can be specified for stages I and III but is hard to be determined for the transient stage II. 

STAGE I. 

To determine function F, a large number of numerical simulations are performed. Indeed, it is 
necessary to vary each non-dimensional parameter while keeping the others constant. 

The following relationship is finally found for equation (8). 

O.97( )0.98 C C K I" 1.01 1 --~-~a(-) -- ~ -(-An+B) 
V-V V " pC T ml.08 

c ~ p 0 

(9) 

when assuming that C/(V-V,)~CN for V»V,. We obtain A>257 and &e38,2 ; ex depends on the 
thermal softening exponent v. Because of the precision related to the shear band speed estimation, 
the exponents can be fairly approximated by 1. Thus (9) becomes 

-= - -- (-An+B)=a (-An+B) C ~Kr I" ~ K~ 
V I" pCp TO m pCpTom 

(10) 

Figure 3 shows, for instance, the evolution of the parameter e/Vas a function of respectively Kill, 

pCpTo/l" and n. 

The relationship (10) has been established for the range of values reported below. No extrapolation 
can be made beyond this range. 

3.15xlO',; K'; 12.6xI03MPa, 
0.45 ,; ~,; I, 
0'; n'; 0.12, 
1950 ,; p ,; 15600 kg.ill3, 

125'; Cp ,; 1000 J/kgK, 
75K'; To'; 600K, 

0.005'; m'; 0.05, 
40x103

,; 1"'; 160xlO' MPa, 
o ,; k ,; 500W ImK, 
1.25 ,; e/ed,[ ,; 2, 
V,<V<V* 
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Figure 3. Evolution of the shear band speed C normalized by the applied velocity V as afunction of: 
a) Kill 
b) pepTo/,L 
c) n 
for fixed values of the other non dimensional parameters. All calculations refer to stage I. 

The parameters involved in the problem are Kill, pV2 Ill, pCp TohL ,kT 0 /Vj..lh, hIL, ei{1!e6 m, n, p and v. 
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The simplest way to understand the influence of the above parameters on shear band velocity is to 
analyse the terms appearing in the energy balance. 

Influence of the stress level K. 

K is included in two terms of the balance equation via the shear stress 't : the elastic energy which is 

proportional to 't
2 /2~ (with 't corresponding to the value of the shear stress far ahead the tip of the 

band) and the external rate of work 'tV. As CN depends linearly on K and does not depend on ~, 
according to relationship (10), it can be deduced that the shear band propagation is controlled by the 
external work in stage I. Moreover, it can be noted that an increase of K leads to an increase of CN. 
This last remark can be explained by the fact that K controls not only the amount of energy injected 
into the system but also the stress drop due to thermal softening. Consequently, an increase of K 
leads to an increase of the injected energy (higher stress level) and to a stronger release of this 
energy via the stress drop. 

Influence of inertia effects. 

Inertia can be physically characterized by the kinetic energy term py2 and by all terms related to 

elastic wave propagation. We postulate here that elastic shear waves, propagating with the velocity 

~:;::;~)l/p, are of most interest. In expression (10), none of these terms appears. It can thus be 

deduced that the elastic wave speed does not play any role on the shear band propagation in this 
stage and also that the kinetic effects can be neglected for this range of velocities V (V cC;:; VC;:; V*). 

Influence of heat generation 

Heat generation is associated to two distinct terms of the dimensional analysis: pCrTo/)l and [l 
According to relationship (10), an increase of ~ (or a decrease of 13) leads to a diminution ofthe shear 
band speed C. Indeed, the two dimensional parameters are strongly related to the shear band speed, 
as they determine, via equation (7), the magnitude of the stress drop due to the thermal softening. 

Thus, increasing G. (or reducing ~) leads to a diminution of T for a given value of ngq . As a 

consequence, the stress drop due to thermal softening is weaker and C decreases. A similar 
behaviour is obtained for the parameter To as it controls the initial stress level. A lower initial 
temperature leads to an increase of the initial stress and thus to a stronger thermal softening. 
Consequently C increases. 

Influence of the strain rate sensitivity 

The stabilizing effect of strain rate sensitivity on strain localization is well known. In the area of the 
propagation of adiabatic shear bands, it manifests itself by a significant decrease of the shear band 
speed when m increases. The evolution law of CN upon m given by (10) is valid for the range of 
values of m considered (0.005 c;:; m C;:;0.05). Beyond this range, the existence of a critical value 
(m",,0.12) from which no localization can take place, is observed. This last remark is in agreement with 
the instability criterion established by Molinari and Clifton (1987) for a one-dimensional process under 
velocity controlled boundary conditions m(1-v)+n+v<0. It is worth noting that the critical value 
provided by this criterion (m:::0.26) does not correspond to the one obtained with our calculations as 
this criterion cannot be strictly applied to the 20 problem of shear band propagation. However, it gi\€s 
indications concerning the influence of material parameters on the instability process. 

Influence of strain hardening 

As strain rate sensitivity, strain hardening n is also stabilizing for the shear band propagation. The 
diminution of C when n increases is illustrated in Figure 3c. The existence of a critical value of n 
beyond which no localization can take place confirms once again the instability criterion of Molinari 
and Clifton (1987), although the values reported are quite different (n~O.15 according to our 
simulations and n=0.353 with the criterion). 
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Influence of the elastic shear modulus u 

According to relationship (10), the combination of all dimensional terms makes the ratio CN 
independent of the elastic shear modulus!.l. From the physics of the problem, f.J is included into two 

different terms: the elastic energy "t
2 / 2!J. and the elastic shear wave speed ~ ~/ p . As there is no 

way to combine these quantities to be compatible with the expression (10), it can be concluded that 
elastic energy and elastic shear wave speed have no significant influence on the shear band 
propagation in stage I. As a consequence, the fact that the external work controls the shear band 
propagation in stage I is confirmed. 

Influence of the heat conductivity k 

One can deduce from (10) that there is no important effect of k on C for the proposed range of applied 
velocities in stage I. However, heat conductivity can playa significant role on C in the vicinity of Ve, 
(see figure 8 of Bonnet-Lebouvier et aI., 2002). 

Influence of the geometrical defect 

The magnitude of the geometrical defect edef directly influences the time to localization. The more 
pronounced the defect, the earlier localization takes place. However, once the steady-state is attained, 
the initial value of the defect has no effect on the shear band speed. 

Influence of the specimen dimensions Land h 

The geometrical parameters Land h do not appear in relationship (10). Therefore, it can be concluded 
that they do not influence the shear band propagation in stage I, for the range of values considered 
here. However this is only verified when the specimen length L is sufficient to allow the shear band 
speed to reach a stationary value and when h is large enough with respect to the shear band width w. 

STAGE III. 

For stage III, the numerical simulations lead to the following expression for equation (8): 

0.92 ( )0,44 ( )0.45 049 C~'1(K) _11_ __11_ (~)' BO.52(_A'n+B') 
y 11 py2 pCpTo m 

(11 ) 

which is approximated by : 

(12) 

where C,z= ~~/p. The values A'=34.6 and 8'"" 5.8 are obtained; 11 depends on v. The evolution of the 

parameter CN as a function of, for instance, Ki/J, pV 2 Ill, pCpTO/ll is reported in Figure 4. The 

analysis was driven for the following values of parameters: 

3.15xlo' '" K " 12.6xl03 MPa, 

0.3 '" f\ '" 1, 
0.005" n" 0.15, 
3900", P '" 31200 kg.ill3

, 

250 '" Cp " 2000 JlkgK, 
150 " To " 1200K, 

0.01 '" m" 0.12, 
40x 1 0

3 
" 11 '" 160x103 MPa, 

o " k " 500W ImK, 
1.25 " e/ed,f " 2, 
y>y* 
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Figure 4. Evolution of shear band speed C nonnalized by the applied velocity V as a function of: 
a) Kill 
b) P V/Il 
c) pCpTo/1l 
for fixed values of the other non dimensional parameters. All calculations refer to stage III. 

The parameters involved in the problem are Kill, pV2 /ft, pCp T 0/11, kT 0 /Vllh , h/L, eleu.ef, m, n, ~ and v. 
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Influence of the stress level K. 

According to (10), the shear band speed is independent on the applied velocity V. Consequently, the 
external V\Ork does not govern the shear band propagation in this stage. Moreover, K appears through 
the term K2/fJ which scales with an elastic energy. We can thus assume that the shear band 
propagation is controlled by the elastic energy release. An 'Increase of K leads to an increase of the 
elastic energy release and thus to a higher shear band speed. 

Influence of the elastic shear modulus u 

The elastic shear modulus is included into the elastic wave speed ) f1,/ p and into the elastic energy 

term '{:2 /2f1,. On the one hand, as wave propagation is responsible for the elastic energy transport to 

the shear band tip, an increase of fJ should intensify the energy flux to the band tip and should lead to 
an increase of C. But on the other hand, increasing I-l reduces the level of the stored elastic energy in 
the vicinity of the band tip and should produce a decrease of C. Because of this competition between 
two opposite effects, a variation of J.I seems to have no influence on the shear band speed. 

Influence of inertia effects 

Inertia appears in (12) through ~J1/p indicating that wave propagation has a significant role to play in 

the propagation phenomenon in stage ilL Moreover, the shear band speed C becomes a fraction of 
the elastic shear wave speed, confirming the model developed by Freund et a!. (1985) about the 
propagation of adiabatic shear bands inside a slab submitted to a mode III loading. 

Finally, the parameters pCpTo 113, m, n, k, <\!S, Land h have the same influence on the shear band 

propagation in stage III as in stage L 

CONCLUSION 

The mechanism of propagation of adiabatic shear bands has been studied in the configuration of 
Marchand and Duffy's experiments. A layer of finite length L and of finite width 2h was submitted to 
simple shear via constant velocities applied at the upper and lower edges. The evolution of the shear 
band speed C as a function of the applied velocity V was found to be composed of three distinct 
stages: the first one (stage I) in which C increases in a quasi~linear manner with V, a second one 
(stage II) where a tendency towards an asymptotic value is obtained and a third one (stage UI) where 
C remains approximately constant. 

Then, a dimensional analysis has provided a general law characterizing the role of all parameters on 
the shear band speed and allowing to better understand the whole propagation process. It has also 
shown that stage I is governed by the external work coming from the boundaries and that stage III is 
controlled by the elastic energy release, 
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ABSTRACT 

Notched axisymmetric specimens of the structural steel Weldox 460 E have been tested at high strain 
rates in a Split Hopkinson Tension Bar. The aim was to study the combined effects of strain rate and 
stress triaxiality on the material's behaviour. Force and elongation of the specimens were measured 
by strain gauges. In addition, the notch deformation was obtained using a digital high-speed camera 
system and the true strain against time at minimum cross-section was estimated. Non-linear finite 
element analyses of the experimental tests were then carried out, and the numerical results are 
discussed and compared against the experimental observations. 

INTRODUCTION 

Computer simulations of the mechanical response of engineering structures under impact loading 
require constitutive relationships accounting for large strains, high strain rates and thermal softening 
(Harding 1). In many cases, it is also important to model the failure of the structure, and damage and 
fracture may have to be included in the structural mode! (Lemaitre 2). Constitutive re!ations for metallic 
materia!s at high strain rates vary from purely empirical, based on available experimental data, to 

. theoretical relationships, based on the micro-mechanical processes assumed to govern the 
macroscopic behaviour of the material (Harding 1). Typically the constitutive relation defines the 
equivalent stress in terms of equivalent (or accumulated) plastic strain, equivalent plastic strain rate 
and temperature (Johnson and Cook 3; Zerilli and Armstrong 4; Khan and Liang 5). The materia! 
parameters introduced in the constitutive equations are usually identified based on test data obtained 
from tension or torsion tests for wide ranges of strain rate and temperature. While the strength of 
metallic materials depends on strain, strain rate and temperature, many experimental investigations 
show that the ductility depends markedly on the triaxiality of the stress state (Hancock and Mackenzie 
6; Mackenzie et aL 7; Hancock and Brown 8). The stress triaxiality is defined by a dimensionless 
parameter, given as the mean stress divided by the equivalent stress. Computational fracture models 
have been proposed that includes the influence of stress triaxiality (Beremin group 9) and the effects 
of stress triaxiality, strain rate and temperature (Johnson and Cook 10). The influence of the stress 
triaxiality in these models is based on the void growth equation proposed by Rice and Tracey (11). It is 
common to fit the material parameters of the computatlonal fracture models to data obtained from 
tensile tests with notched axisymmetric specimens. Different stress triaxiality levels are obtained by 
varying the notch radius of the specimens. 

This paper gives a SJmmary of two journal articles recently published in the European Journal of 
Mechanics - AlSolids (Hopperstad et aL 12, B0fvik et al. 13). The aim of the study was to investigate 
the influence of stress triaxiality and strain rate on the behaviour of a structural steel and to obtain 
experimental data that may be used to validate constitutive relations and fracture criteria. To this end 
smooth axisymmetric specimens and notched axisymmetric specimens wth three different notch radii 
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of Weldox 460 E steel have been tested in tension at two different strain rates. The tests were 
performed in a Split Hopkinson Tension Bar, using a digital high-speed camera system to record the 
local deformation in the notch, Experimental procedures, visual observations and test results are 
presented and discussed in the first part of the paper. In the last part, the material constants in the 
constitutive relation and fracture model of Johnson and Cook (3,10) are defined from existing data for 
Weldox 460 E steel (B0rvik et aL 14). Computer simulations are then performed to validate the 
constitutive relation and fracture model, and to study in detail the material behaviour during high-rate 
tension tests of smooth and notched specimens. 

EXPERIMENTAL PROGRAM ME 

The specimens were made from a 12 mm thick plate of Weld ox 460 E steel and tested in the as
received condition. Weldox 460 E is a thermo-mechanically rolled ferritic structural steel offering high 
strength combined with a high degree of ductility. All specimens were taken parallel to the rolling 
direction of the steel plate. A previous study by B0rvik et aJ. (14) gave no indications of planar 
anisotropy, while a slight normal anisotropy was found. The test specimens were made of material 
from the same delivery that was used in previous material cnd projectile impact tests reported by 
B 0rvik et al. (14,15,16). The geometry and dimensions of the notched specimens are gven in Figure 
1. Tests were performed for three different notch root radii Ro equal to 0.4 mm, 0.8 mm and 2 mm. 
Two levels of loading rate were applied, defined by a pre-loading force NJ of the loading devise equal 
to 20 kN and 40 kN. For each of the six combinations, four parallel tests were performed. A test 
identification system is adopted herein where e.g. RO.8-20-4 has the following meaning: RO.8 - notch 
radius Ro = 0.8 mm; 20 - pre-loading force lib = 20 kN; 4 - parallel test No.4. 

Figure 1: Geometry and dimensions (in mm) of notched test specimens for high rate tests in the Split 
Hopkinson Tension Bar (Note: For manufacturing reasons, the side faces of the notch were inclined at 
an angle {J.:::: 17.5" to the normal of the specimen axis for specimens with RJ:::: 0.4 and 0.8 mm, while 
for R :::: 2.0 mm the side faces were normal to the specimen axis, i.e. (J. :::: 0). 

The tensile tests of the notched specimens were performed in a Split Hopkinson Tension Bar (Albertini 
and Montagnani 17) at the European Commission Joint Research Centre in Ispra, Italy. A sketch of 
the Split Hopkinson Tension Bar is shown in Figure 2. The test apparatus consists of two half-bars 
called the input bar A-B-C and the output bar DE, and the specimen GO is inserted between these 
two bars. Elastic energy is stored in a pre-stressed loading device A-B, which is the solid continuation 
of the input bar. By rupturing the brittle intermediate piece B, a tension wave with a rise-time of about 
50 is is transmitted along the input bar and loads the specimen to fracture. The strain rate is changed 
by varying the pre-loading force N1 of the loading device and thus the stored elastic energy. Three 
strain gauges are placed on the input and output bars, at locations 1, 2 and 3 in Figure 2. The strain 
gauges are used to measure the elastic deformations versus time in the half-bars caused by the 
incident, reilected and transmitted pulses. These measurements are subsequently used to calculate 
the elongation, force and rate of elongation of the specimen, using one-dimensional elastic wave 
theory (Lindholm and Yeakley 18). 

In some of the parallel tests, a digital high-speed camera system was used to obtain optical recordings 
of the notch deformation. The purpose of the set-up for optical measurements was to capture images 
of the specimen during deformation and to derive a diameter reduction curve as a function of time. In 
order to measure the diameter accurately, it is important to have a sharp edge between the 
background and the specimen. A shadow photography technique was therefore chosen. In order to 
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give diffuse light, a flashlight was placed behind a translucent screen. A digital Ultranac FS501 image 
converter camera, capable of framing rates from 2.000 to 20.000.000 frames per second, was used to 
photograph the specimen. The camera was focused on the edge of the specimen, and the event was 
triggered by the strain gauge at location 1 on the input bar of the Split Hopkinson Tension Bar (see 
Figure 2). Hence, the images could be directly correlated to the actual force applied to the specimen at 
given times. The camera was operated in a 15-image mode, and calibration images were taken of the 
specimen prior to every test. For each test, the specimen diameter was calculated for the pre-test 
calibration images and the test images. The calculated diameter from the test image was then divided 
by the diameter of the corresponding calibration image to achieve a relative diameter. This procedure 
was found to reduce the influence of aberrations in the digital images introduced by the high-speed 
camera system. 
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Figure 2: Sketch of the Split Hopkinson Tension Bar. The diameter of the input bar A-B-C and the 
output bar DE is 10 mm, and the specimen C-D is inserted between these two bars. The strain 
gauges on the input bar are at location 1 and 2, while the strain gauge on the output bar is at location 
3. The pre-loading force NJ is applied to the left extremity of the input bar A, while the bar is fixed in 
the longitudinal direction with a brittle intermediate piece at B. By rupturing the brittle intermediate 
piece, a tensile wave is transmitted along the input bar and loads the specimen to failure. 

EXPERIMENTAL RESULTS 

"The notched-specimen tensile tests are considered as tests on structural components, since the 
stress and strain fieJds within the specimens are non-uniform. The results are therefore obtained as 
force vs. elongation curves, where the elongation refers to the specimen elongation as measured from 
the strain gauges located on the input and output bars. The ductility is measured by the true strain to 
fracture (or the fracture strain), which is calculated as 

'I 0 In(Ao/Atl ( 1 ) 

where A is the current minimum cross-section area of the specimen; AJ is measured before testing 
and Af after fracture (Dieter 19). All the fracture areas were measured in a microscope to improve the 
accuracy of the measurements. The mean values of the fracture strains, calculated according to Eq. 
(1), for each combination of notch radius and pre-loading force are plotted against the initial stress 
triaxiality in the centre of the notch in Figure 3. The initial stress triaxiality was calculated according to 
Bridgman's analysis (Bridgman 20) as 

«m/Oeq)o 0 1/3+ln(1+ao/2Ro) ( 2 ) 

where a:J is the original radius of the specimen in the centre of the notch and Rl is the initial notch 
radius. Hancock and Mackenzie (6), Mackenzie et aJ. (7) and Hancock and Brown (8) have discussed 
the application of Bridgman's analysis to notched specimens. More recently, Alves and Jones (21) 
examined this issue, and pointed out that use of Bridgman's analysis for notched specimens may 
involVe significant errors. Figure 3 also includes data obtained by B0rvik et al. (14) from quaSi-static 
tests on smooth and notched specimens and high-rate tests on smooth specimens. The following 
observations are made based on the results presented in Figure 3. First, considerable scatter in the 
measurements of the fracture strain was found. Second, the fracture strain decreases with increasing 
stress triaxiality (um/oeq)o. Third, no significant effect of pre-loading (or strain rate) on the fracture strain 
can be ascertained for the notched specimens, while a significant reduction in fracture strain with 
increased strain rate is indicated for smooth specimens. The reason for this difference in behaviour 
between smooth and notched specimens is not obvious. Note that the initial stress triaxiality 
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parameter is, in general, not equal to the true stress triaxiality in the centre of the notch. During the 
test, the stress triaxiality varies owing to the strong deformation of the notched part of the specimen 
(see e.g. Alves and Jones 21). The main trends observed from the force-elongation curves are as 
follows: the force increases with decreasing notch radius and increasing pre-load, the elongation to 
fracture increases with increasing notch radius, while the pre-load seems to have no significant effect 
on the elongation to fracture for notched specimens. 

Based on the optical measurements of the current diameter d = 2a in the centre of the notch, it is 
possible to reconstruct the true strain vs. time curves for the notched specimens. The true strain E in 
the centre of the notch (Le. at the minimum cross-section) is calculated as (Dieter 19) 

,~ln(Ao/A) = 2In(do/d) (3 ) 

where it is assumed that the strain is constant across the minimum cross-section, and that the cross
section shape remains unaltered by the deformation. The latter assumption does not hold completely, 
due to an ovalisation of the cross-section in some of the specimens due to normal anisotropy. The first 
assumption is reasonably accurate for a relatively large notch radius Rl, while the strain may vary 
considerably over the cross-section when Rl becomes small (Hancock and Brown 8, Alves and Jones 
21). Indeed, it is not certain that the fracture process initiates in the central region of the notch (Le. at 
the minimum cross-section on the axis of the specimen) when the notch radius decreases, but rather 
at the surface in the notch root. It follows that the true strain E should be considered as an average 
strain measure for the notched specimens. 

For the tests in which optical measurements of tile diameter reduction were obtained, the fracture 
diameter Q was measured in the microscope in the plane that was monitored with the digital high
speed camera system. The fracture strain was then calculated as !Of = 2In(do/dr). Comparing the 
fracture strains based on the area and diameter reductions at fracture, respectively, it was realised 
that there may be relatively large errors involved in the high-speed camera measurements of the 
strain. Measurements from the quasi-static tests on smooth and notched specimens performed by 
B 0rvik et al. (14) indicate that from diffuse necking to fracture the cross-section gradually develops an 
oval shape. It follows that the error induced by defining the true strain as 2In(do/d) instead of In(AofA) 
increases with increasing strain. Better results could have been obtained by using mirrors to get 
measurements of the diameter in two orthogonal planes. 
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Figure 3: Mean values of fracture strain vs. stress triaxiality (based on initia! geometry). Note: Quasi
static test results for smooth and n.9tched specimens and Spit Hopkinson Tension Bar tests for 
smooth specimens from B0rvlk et aL (14) are included. 
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Typical diagrams of force F and true strain E against time and high~speed camera images of the notch 
deformation for one representative test with pre-load force 20 kN are shown Figure 4. In the figure, the 
first image is just before the incidence pulse reaches the specimen, while the fixed interval between 
the photographs is 50 IS for this particular test. Similar images were obtained for a pre-load force 
equal to 40 kN. There is good agreement between the paints of time of sudden loss of load bearing 
capacity, due to coalescence of voids (Hancock and Mackenzie 6), and the marked increase of strain 
which indicates incipient failure. Some of the final strain measurements that are included in the strain
time plots are obtained when macro-cracks have appeared in the specimen, while others are obtained 
after separation of the specimen parts. This can be seen clearly by studying the presented images 
from the high-speed camera. Further, the photographs show that the geometry of the notched part 
changes significantly during the deformation process. The notch geometry changes from the original 
U-shape into something more like a V-shape close to fracture. This indicates that there is a reduction 
of the notch profile radius R with strain, i.e. as the radius a of the minimum cross~section decreases. 
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Figure 4: Measured force, true strain and notch deformation against time (Test # RO.B-20-5). 
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NUMERICAL SIMULATIONS 

In the present section, non-linear finite element analyses of dynamic tensile tests with smooth and 
notched axisymmetric specimens are performed, and the results are compared with the experimental 
data presented above. Previous analyses on axisymmetric notched bars pulled in tension have been 
carried out by e.g. Hancock and Brown (8), Alves and Jones (21), Needleman and Tvergaard (22) and 
Mirza et al. (23). The aim of the simulations is to evaluate the constitutive relation and fracture criterion 
for Weldox 460 steel in cases where strain rate, temperature and stress triaxiality changes during 
plastic deformation. A parametric study is also carried out to investigate different aspects concerning 
the identification of fracture criteria under dynamic loading conditions. Since ductile fracture is strongly 
influenced by the stress state, the influence of adiabatic heating and inertia on the stress triaxiality in 
the smooth and notched tensile specimens is studied. In addition, the use of Bridgman's analysis (20) 
to estimate the stress triaxiality in axisymmetric notched specimens and the determination of the 
fracture criterion based on experimental data are discussed. 

The explicit finite element code LS-DYNA (24) was used in all simulations, where both smooth (B0rvik 
et a!. 14) and notched (Hopperstad et al. 12) axisymmetric specimens with geometry as shown in 
Figure 1 were analysed. The notched specimens have initial notch root radius Ro equal to 0.4, 0.8 and 
2.0 mm, while the initial minimum radius ao was 1.5 mm in all tests. According to Eq. (2), this gives an 
initial stress triaxiality in the centre of the notch equal to 113 (smooth), 0.652 (Ra = 2.0 mm), 0.995 (Ra 
= 0.8 mm) end 1.389 (Ra = 0.4 mm). The specimens were modelled using four-node axisymmetric 
elements with one-point integration and stiffness-based hourglass control. The specimens were 
modelled using 20 elements across the radius, giving an element size in the critical gauge region of 
approximately 0.075 x 0.075 mm2

. This element size resulted in 3400 elements (3591 nodes) for the 
smooth specimens, while 4560 elements (4809 nodes) were used for the notched specimens. 

Finite element solutions for problems involving strain localisation and failure tend to be sensitive to the 
mesh size (see 80rvik et a!. 14). Introductory simulations of a typical test were therefore performed to 
evaluate the influence of mesh density. It was found that there is only a slight change in the force
elongation curve when the number of elements across the radius of the specimen is increased from 20 
to 40. Further, it was noted that the peak force was almost unaffected by the mesh density, while the 
elongation to failure was significantly increased when the element mesh became too coarse. Based on 
these observations, it was decided to run all simulations with 20 elements across the radius. It was 
also found experimentally that the mechanical behaviour of the notched EPecimens changed only 
sllghtly when the preload of the modified Hopkinson bar apparatus was increased from 20 kN to 40 
kN. Thus, only tests with a preload of 20 kN were considered in the dynamic simulations. 

The loading was defined by prescribing the elongation at one end of the specimen against time, using 
the measured elongation-time curves from typical experiments, while the other end was fixed. Severe 
oscillations occurred in some of the numerical force-time curves, while this was not the case for the 
experimental curves. The reason seems to be that only the specimen, without the bars, is modelled in 
the numerical simulations and it follows that the calculated force is disturbed by an elastic wave that 
propagates along the specimen length and reflects from the specimen ends. The wavelength of the 
oscillations agrees well with the time it takes for the elastic wave to travel twice from one side of the 
specimen to the other. In order to reduce_ the force oscillations, the force signals from the numerical 
simulations were filtered using a cosine filter with a cut-off frequency of 10000 Hz. 

A coupled computational model of viscoplasticity and ductile damage for penetration and impact 
related problems has been formulated and implemented in LS-DYNA by 80rvik et al. (14). The model 
is based on the work by Johnson-Cook (3,10) and Lemaitre ~), and includes linear thermoelasticity, 
the von Mises yield criterion, the associated flow role, isotropic strain hardening, strain~rate hardening, 
softening due to adiabatic heating, softening due to isotropiC damage evolution and a fracture 
criterion. In this study, the uncoupled version of this model was used in all simulations, i.e. damage 
has no influence on the strength. Materia! constants for Weldox 460 E steel are given in 80rvik et aL 
(14,13). It is important at this stage to keep in mind that the experimental results given above have not 
been used in the identification of the constitutive model and the fracture criterion, and that the material 
constants are solely based on quasi~static and dynamic tensile test data for We!dox 460 E. 

Computed force and true strain against time for RO.B-20-S are compared with the corresponding 
experimental results in Figure 5a}. The true strain from the numerical simulation is calculated based on 
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Figure 5: a) Comparison between calculated and measured force and true strain against time for 
dynamic tension tests with preload 20 kN (Test RO.B-20-5). b) Force-elongation curves from numerical 
simulations of dynamic tension tests with preload 20 kN. 

the diameter reduction in the notched area, I.e. f. ;:: 2In(do/d), where do and d are the initial and current 
diameters of the specimen at minimum cross-section, respectively. In the experiments, the current 
value of d was based on high-speed camera measurements, which implies that only discrete values 
were obtained. In the comparison, it should be kept in mind that some distortion of the cross-section 
appeared in the experiments, Le. the section developed an ova! shape with plastic straining, while 
axisymmetric deformation is postulated in the simulations, and that the scatter in the experimental 
results was quite large. The comparison indicates that the finite element model is capable of 
describing both the force-time curves and true strain-time curves with reasonable accuracy, taking the 
complexity of the problem into consideration. The main difference seems to be that the numerical 
model overestimates the material softening compared with the experiments. The figure also revea!s 
that the time to fracture obtained in the simulations is in reasonable agreement with the experimental 
value. Figure 5b) presents a comparison between the force-elongation curves for smooth and notched 
specimens from the numerical simulations with preload 20 kN. It is found that the overall agreement 
between the experimental and numerical results is good. The main trend that the force increases with 
decreasing notch radius, while the elongation to fracture increases (especially for smooth specimens) 
with increasing notch radius, seems to be captured in the simulations. However, due to the filtering of 
the numerical force-time curves, the high peak force observed in some of the tests is smoothened,out. 

In Figure 6, the deformed geometry of the specimen obtained in the numerical simulations is plotted 
as white contours on top of the high-speed camera images from the corresponding experimental test 
(RO.&20-5). It is seen that the numerical predictions are in good agreement with the experimental 
behaviour. The numerical simUlations are able to describe the geometrical change in the notch, i.e. 
that the original Ushape of the notch changes into something more like a V-shape close to fracture. 
Also the fracturing of the specimens is well predicted. 

The computed fracture strains are given in Figure 7, where they are compared to average 
experimental values from tests with preload 20 kN. In the figure, experimental failure strains from 
quasi-static tension tests (B0Tvik et al. 14) are given for comparison. The dotted line between the 
quasi~static data pOints indicate the failure locus used in the calibration of the failure strain, while the 
solid vertical lines gives the experimental spread in the fracture strains for dynamic tests with preload 
20 kN. It is seen that the agreement between experimental and numerical fracture strains is good for 
notched specimens, and well within the experimental scatter. However, for the smooth specimen the 
numerical simulation underestimates the experimentally obtained fracture strain. The rea~on br this 
seems to be that the initial stress triaxiality was used in the calibration of the fracture strain. 
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Figure 6: Typical high-speed camera images from a test (Test RO.B-20-5) compared to contours from 
the numerical simulations showing notch deformation against time. 
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Figure 7: Mean values of fracture strain versus stress triaxiality using Bridgman's analysis (20) on the 
initial geometry. 

In the calibration of the fracture criterion, Bridgman's analysis (20) was used to determine the initial 
stress triaxiality in the notched specimens. It was assumed that the fracture initiates in the centre of 
the notch due to the higher stress triaxiality there (e.g. Hancock and Brown (8), Mackenzie et al. (7)), 
and that the stress triaxiallty in the centre of the notch is approximately constant during plastic 
deformation (Mackenzie et al. 7). In addition, the increase in stress triaxiality in the smooth specimen 
after necking was neglected. The failure locus was then determined from the measured data. 
However, it has been found that there are large differences in stress triaxiality in the centre of the 
neck/notch predicted by numerical simulations and Bridgman's analysis, and that there are significant 
variations in the stress triaxiality with plastic strain also for the notched specimens. It was also found 
that the difference in stress triaxiality between quasi-static and dynamic analyses is small, even 
though the latter includes strain rate effects, inertia and thermal softening due to adiabatic heating. 

It is now possible to construct a more accurate failure locus for We!dox 460 E steel based on the 
measured fracture strain and the computed stress triaxiality in the centre of the neckl notch. Figure B 
presents the experimental fracture strains Ef plotted against the computed stress triaxiality u* ::::: (Oin/ueq) 
both for quasi-static and dynamic loading. The experimental data for the quasi-static tests and for the 
smooth specimen at high rates of strain is from 80rvik et al. (14). The failure locus based on the stress 
triaxiality from Bridgman's analysis on the initial specimen geometry is plotted for comparison. The 
figure clearly shows that the adopted calibration procedure for the failure criterion, I.e. the use of 
Bridgman's analysis to estimate the stress triaxiality in the centre of the notch and the assumption of 
constant stress triaxiality, tends to give very conservative estimates on the ductility of the material. 
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Figure 8: Fracture strain versus stress triaxiality for a) quasi-static and b) dynamic loading conditions. 
The filled circles indicate the results based on Bridgman's analysis on initial geometry, while the 
hollow circles give the results based on numerical simulations. 

This tendency is particularly strong for low stress triaxiality, which explains the strong underestimation 
of the fracture strain for the smooth specimen, while the predicted fracture strains for the notched 
specimen are acceptable. A parametric study was then carried out in order to study this in more detail. 
This study revealed that the stress triaxiality is nearly insensitive to strain rate and inertia, while the 
effect of temperature on the stress triaxiality is somewhat stronger but not very significant. This 
indicates that the variation in failure strain obtained in tests with varying temperature and strain rates 
'IS caused mainly by the temperature and strain rate variation and not by variations in the stress 
triaxiality. A more detailed description of the parametric study is given in 8mvik et a!. (13). It should 
finally be mentioned that even though there are some discrepancy between the numerical and 
experimental results using the procedure given above (see Figure Sa)), the constitutive model given in 
(14) has been used successfully in numerical simulations of projectile penetration and perforation of 
Weldax 460 E steel plates (14,16,25). This illustrates that even though the model fails to describe the 
local material behaviour in detail, it might give good estimates of the globa! structural response. 
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This work presents an anisotropic damage model and its non-local extension to deal with 
fragmentation induced by impact loadings. Discrete cracks are described via non-local damage 
parameters under the hypothesis of a cylindrical divergent wave. The damage model is based on 
quasi-static properties of flaw distributions and enables us to reproduce cracking patterns obtained in 
edge-on-impact tests. Different regimes such as single or multiple fragmentation appear and can be 
explained by this approach. Moreover, the damage front speed found experimentally is related to 
these fragmentation regimes and is reproduced numerically. 

INTRODUCTION 

The use of brittle materials in armors requires studies on their response to impact [1,2]. For example, 
glass can be used against ballistic threats (e.g., in windshields). Furthermore, multi-layered armor 
materials are used (with polycarbonate, PC, as back layer and polyurethane, PU, between glass plies) 
to optimize the ballistic performance. The use of PU and PC is essential to maintain the fragments 
when glass is impacted, especially for the back layer that ensures the structural integrity and absorbs 
part of the impact energy. 

The work presented herein aims at modeling the fragmentation of soda-lime glasses impacted 
by a 44 Magnum bullet. Edge-an-impact (EOI) configurations rAJ allow for the visualization of 
cracking during the experiment by using a high-speed camera or thereafter when a sarcophagus 
configuration is utilized. Different cracking patterns are observed. The present work intends 
describing numerically the cracking features observed experimentally. Some phenomenological 
models exist for glass (e.g., [5]) but the relationship with the microstructure is remote. Based upon a 
dynamic fragmentation analysis, an anisotropic damage model is introduced. The latter uses 
characteristic parameters that depend on material properties (Le., distribution of surface flaws in glass 
[4]) and loading conditions. 3D-FE simulations are performed and analyzed with respect to 
experimental observations. A non-local extension accounts for macrocrack propagation in a finite 
element mesh. These developments are implemented in a simplified explicit code to model cylindrical 
divergent waves describing edge-an-impacts. The transition between multiple fragmentation close to 
the impact zone and single fragmentation far from impact is studied with the non~local version of the 
model. Last, a sensitivity analysis is performed to study the mesh-dependence of the results. 
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EXPERIMENTAL RESULTS 

Bullets are fired by a gun and impact a glass target of surface 100 x 100 mm2 and of thicknesses 
varying between 8 and 15 mm. The projectile speed is measured by two optical cells one meter apart. 
An "open" configuration is used, enabling for in-situ observations by utilizing a high-speed camera. 
The interframe time can be as low as 0.2 tlS. When the bullet reaches the second cell, flashlights are 
triggered. When the bullet impacts the target, it activates the camera to take pictures. According to 
the European standard EN1063 [6], one of the threats for armors is a "soft" bullet (I.e., magnum 44) 
further referred to as "BR4", traveling at a moderate speed of 430m/s. "BR4" bullets have a soft core 
made of lead and an envelope of brass wire. 

Typical results obtained by using the high~speed camera are shown in Fig. 1. When the bullet 
impacts the glass sample and induces cracking a few microseconds thereafter, dark zones appear on 
pictures. They correspond to damaged zones and glass is no longer transparent. One can observe 
the damage zone propagating in the sample and the crack front is faithfully identified by this type of 
inspection and consequently propagation velocities can be determined with a good accuracy. After 
impact, fragments of the impacted sample are scattered and the BR4 core (made of lead) is fully 
sublimated. 

Fig. 1: Sequence of pIctures of the Impact of a 44 Magnum bullet (velOCity = 430 m/s) on a 
100 x 100 x 8 mm3 soda~l!me target The dark zones correspond to the damaged zones The dotted 
line shows the main crack used in Fig. 8 for comparison between predicted and experimental results. 

A "sarcophagus" configuration [7] that maintains fragments together on a soda~lime target of size 
100 x 100 x 10 mm3 is also used (Fig. 2). After impact, a hyper~fluid resin infiltrates the cracks and 
maintains the fragments together to observe the impacted sample. The projectile does not penetrate 
the target. There are different zones that characterize the interaction between the projectile and the 
target. A first zone in the vicinity of the impact is totally comminuted. A second area displays a high 
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density of radial and orthoradial cracks. A third zone appears in which long radial cracks propagate. 
These zones correspond to different cracking features in brittle materials [5,7]: 

multiple fragmentation in the first zone with mainly closed cracks (glass is totally comminuted; the 
size of thinner fragments can be estimated to a few micrometers), this fragmentation is caused by 
high shear stresses just under the contact zone; 

multiple fragmentation under mode I loading in the second zone, due to high tensile stresses 
induced by the radial motion of the initial compressive wave; 

single fragmentation in the third zone (consisting only in radial macrocracks). 

Fig. 2: Cracking pattern of impacted soda~llme glass (44 Magnum bullet, V = 330 m/s) obtained with a 
sarcophagus configuration. Near the impact, the material is fully comminuted. Far from impact, long 
cracks are observed. 

AN ANISOTROPIC DAMAGE MODEL 

When a bullet impacts a glass target, a compressive stress wave propagates ahead of the impacted 
area, with the speed of longitudinal acoustic waves [8]. The radial displacement also induces hoop 
tensile stresses that nucleate defects inducing microcracking. The latter can be described by an 
anisotropic damage model [9]. The level of stress and stress rate determine the type of fragmentation, 
namely single or multiple fragmentation. 

A so-called multi-scale model [10J is used to determine the transition between the 
single I multiple fragmentation regimes. This fragmentation model accounts for quasi-static and 
dynamic loading conditions. It is assumed that the flaw population leading to damage (described by 
Weibu!J parameters [11]) and failure is identical when the material is subjected to quasi-static and 
dynamic loading conditions. The Weibull parameters used for soda-lime glasses are either surface 
[12] or bulk [13] parameters. With a Weibull model, the defect denSity At is modeled as a power Jaw 
function so that the cumulative failure probability PF is written as 
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(1 ) 

where (J F is the failure stress, Z,1/ the effective surface or volume, m the Wei bull modulus and 

S;{' 1-\) the Weibul! scale parameter. Under dynamic loading conditions, a crack shields other defects 

that would nUcleate because of the dynamic growth of a domain of measure 20 where stresses are 
relaxed to zero. The cracking pattern then results from a competition between obscuration (or 
shielding) phenomena and the loading rate (Fig. 3). The density of flaw At can be divided into two 
parts, namely A:b the crack density and Aobsc the obscured flaw density. The probability of obscuration 
can be expressed as an extension of the classical Weibul! law [9} 

(
, ) , T dA, . 

Po =l-exp -2Af (a) with Z;"'/(J)=fZ()(T-!)-d!=Zo'~Af 
cit 

o 
(2) 

where Z is the measure of the mean obscuration zone, * the convolution product, and Z" the size of 

the obscuration zone, which is dependent on the crack propagation velocity kCo, a shape factor Sand 

the space dimension n. Zo(/) "" S(kC;;t) " H(t), where HC) is the Heaviside step function. If the 

loading rate is small enough, Z becomes equal to the entire representative volume or surface, and 
yields the Weibull failure probability (1). 

t t 
• 

• 

Fig. 3: Schematic of a representative element in tension. The dots depict defects that are potential 
cracking sites. Left) The tensile stress rate is low; one single crack is nucleated, leading to the entire 
obscuration of the element. Right) The tensile stress rate is high; there is a competition between the 
increase of stress and the obscuration of the element. Severa! cracks are nucleated. 

The kinetics of the obscuration probability can be derived from Eq. (2). When n = 3 

(3) 
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By averaging over a representative zone, the macroscopic principal stress Ids equal to (1/(1 - 0,), 
where 0/ is the local stress. The damage variable ~. is equal to Po associated to a given cracking 
normal, and the kinetic law of each damage variable Orin a 3D situation can be derived from Eq. (3) 

-0 ____ I -= 6S(kCo)~ J'f(U i ) when d' ( I dD) , " 
dr 1- Di dl 

cia; > 0 
a;>O and dl 

where the modified defect density J:/ associated to the Weibul! model is expressed as [10] 

(4) 

(5) 

where f/FE is the volume of the considered finite element The value cr F is a stress obtained by 

random selection of a real PF lying between 0 and 1 and by applying Eq. (1) when VFE = 2<1/" 

Equation (5) expresses the average number of broken defects within a volume J7
FE 

which is equal to 

0, 1 or greater than 1. The integ ration of Eqs. (3) and (4) usually assumes zero initial conditions. The 
compliance tensor ~ is written in the principal frame 

--- -v -v 
1- D, 

I (6) S~- -y -y 
~ E - D, 

-y -v 
I -D 3 

where Eis the Young's modulus of the undamaged material and v the corresponding Poisson's ratio. 
Two different fragmentation regimes can be obtained for brittle materials (Fig. 4): 

For high stress rates, multiple fragmentation occurs and the behavior becomes more and more 
deterministic (and size effects disappear); 

For low stress rates, the weakest link hypothesis applies and the strength is scattered. 

Weibull law . Mu!tl-scale 
Monte-Carlo simulations model 
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Fig.4: Ultimate strength vs. stress rate for a SiC-i00 ceramic. The dots and error bar represent results 
obtained by Monte Carlo simulations (500 realizations / point) and their standard deviation [9]. 
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The transition between single and multiple fragmentation can be estimated by the intersection 
between the weakest link solution (under quasi-static loading conditions, see dashed horizontal line of 
Fig. 4) and the multiple fragmentation solution (see solid line of Fig. 4). The ultimate stress reached in 
tension is a function of the stress rate as it is observed experimentally not only for glass but also for 
rocks, concrete and ceramics [14]. 

NUMERICAL SIMULATIONS WITH A MULTI-SCALE DAMAGE MODEL 

Materials of the bullets are assumed to behave elasto-plastically. Glass is supposed to be elasto
plastic (E= 70 GPa, v= 0.22) with an HEL (Hugoniot elastic limit) evaluated at 10GPa. The FE mesh 
accounts for a surface layer of thickness 200 ~!m endowed with Weibull parameters m'= 4, 
So= 50 MPa, Set1'= 50 cm2 [12], whereas the bulk of the tile is characterized by intrinsic flaws with 
Weibull parameters m= 30, (.10 = 3 GPa, Ve/f= 10-3 mm3 [13]. As a consequence, damage is mainly 
nucleated on external surfaces of the samples. Figure 5 shows that multiple fragmentation appears in 
the first half of the target and along the sIde. This 3D computation is expected to describe accurately 
the initial stage of bullet impact In the sequel, we will make use of a contact force history determined 
from this computation to address later stages of damage developments. This simulation does not 
account for the propagation of long cracks but only for crack nucleation illustrated in Fig. 5. This 
limitation can be overcome by the introduction of the following non -loca! approach where crack 
extension wi!! be allowed to extend beyond single finite elements. 

Damage 0 1 

0.1 
0.2 
0.3 
0.4 
0.5 
0.6 
0.7 
0.8 
0.9 

Fig. 5: FE simulations of one quarter of an EOl configuration. The damage variable D, associated with 
the first principal stress shows the location of flaw nucleations. 

A NON-LOCAL APPROACH 

Let now consider the propagation of long cracks. For the sake of simplicity, it is performed in a 
cylindrical divergent wave configuration. The stress state is two-dimensional (Le., radial and hoop 
stresses) and the displacement is only radial. New damage parameters .1 j are introduced so that the 
macroscopic principal stress .E/is now equal to 0/·(1 - D;) (1 - .1;), where a/is the local stress. Fracture 
propagation is described by the occultation zone that grows at a constant speed keo"" 1500m/s [4]. 
Again, the damage variables .1i are equal to the ratio between the occultation volume and the total 
volume in one element (Fig. 6) associated to the three cracking directions. The kinetics of di is 
obtained by direct derivation of S(kC;,(T - /))3/ VFE (when n = 3) 

(6) 
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where it is equal to 11 VFE , which means that a single mesocrack propagates in the element. One 

can note that this kinetics is identical to that used in the case of multiple fragmentation (4) except for 
the factor 11 (1 - D,) which accounts for overlap pings of obscuration zones. All elements where Lli¢ a 
are listed and they numerically correspond to a crack of length a equal to the length of aU elements 
traversed by the latter. In practice, the local damage variables sart to grow, Le., Di#. a (Fig. 6a). 
When D/ reaches a critical value Dc corresponding to coalescence in the considered element. Ll/ starts 
to grow towards the neighboring element (Fig. 6b). The size of the crack is followed by computing the 
size of the obscuration zone. Two cases can occur: 

the stress at the tip of the crack is high enough to let it propagate <le., O"j(! - D,.)-J;; > K(.', where 

Kc denotes the toughness of the material) and the element begins to crack and the kinetics of 

L1; is given by Eq. (6); 

the stresses are not high enough; no propagation occurs in the neighborhood of the initially 
damaged element. 

This process is repeated as the stress wave invades the material. The macrocrack propagation can 
therefore be the result of a series of "mesascopic" coalescences when the damage variables Dlare 
high enough (Di~ Dc). These multiple events induce a velocity of the crack front that can be greater 
than kCo. A multiple fragmentation regime is observed. Conversely, the propagation conditions can 

be satisfied ((:e., 0';(1- j)i)~ > K r) even though the local values of Diare less than Dc. A single 

fragmentation regime is observed. 

t f t 
• • • • 

• • 

• .. • • • • 

t i 
Fig. 6: Schematic of a propagation of a long crack via the non-local damage model. The first step 
(left) corresponds to distributed damage modeled by local variables 0/: The second step (right) 
corresponds to coalescence in one element described by non-local damage variables Llj. 

NUMERICAL SIMULATIONS WITH THE NON·LOCAL DAMAGE MODEL 

The previous 3D simulations help us in determining a contact force between the 44 Magnum bullet 
and the surface of the target (Fig. 7). During the first microseconds after impact, the initial shock wave 
propagates followed by the collapse of the projectile so that the contact force increases. The following 
simulations use an in-house FE code simulating the propagation of a cylindrical divergent wave [15]. 
The projectile impact is described via a r:ressure induced by the contact force determined by the 3D 
FE simulations. 
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Fig. 7: Contact force VS. time for an impact of a 44 Magnum bullet on a soda-lime target determined by 
a 3D FE simulation. 

Figure 8 shows the results rnt8ined by using the damage variable L!.,. In the first part of the 
interaction, the stress level induced by the compressive wave are high enough to nucleate several 
defects in each finite element and the damage front velocity is related to the speed at which the 
induced tensile (hoop) stress develops. The zigzagged profile corresponds to the multiple 
coalescences. Later, as observed in post-mortem analyses of impacted samples, long cracks begin to 
propagate at a constant speed kCo= 1500m/s with no further nucleation .. This transition CQuid not 
have been assessed by using a local damage model alone. 

Distance from impact point (mm) 

o 1 
o 

Fig. 8: Space-time diagram of the damage variable Lit obtained by using the non-local mode!. The 
white zone corresponds to a damage Lit greater than 0.85. It is compared with an experimental crack 
front velocity evaluated from Fig. 1 (dotted line). 
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Fig. 9: Comparison of the space-time diagrams of the carnage variable L\ 1 for two different meshes. 
Left) 4 elements per mm. Right) 16 elements per mm. 

Moreover, the model is quasi mesh-independent except for the scatter induced by the multi-scale 
damage model. This result is obtained when a cavity is subjected to a pressure step of -6 GPa 
(Fig. 9). Two different mesh densities are used and the space-time diagrams are virtually identical. 

CONCLUSION 

Edge-an-impact tests have been performed on soda-lime glass by using a soft bullet. These 
experiments allow br a visualization of the cracking pattern by using a high-speed camera or a 
sarcophagus configuration. Fragmentation of impacted soda-lime glass is mainly caused by the 
growth of cracks nucleated on the surface of glass. Far from the impact surface, propagation of long 
cracks is always observed. 

Numerically, the zone of multiple fragmentation is reproduced with the help of a local 
anisotropic damage model based on a fragmentation analysis. Since the population of defects is the 
key parameter that governs the cracking pattern, Weibull parameters representative of the surface and 
the bulk have been used. Since the propagation of long cracks is a non-Ioca! phenomenon Dr 
classical FE simulation, the zone obscured by one macrocrack is used to follow its propagation. This 
is achieved through a non-local damage model coupled with the previous one. 

10 simulations prove that the different zones observed in edge-on-impact tests can be 
reproduced by the present approach. A local approach only gives the initiation sites and is not able to 
capture the macrocrack formation. The different regimes of damage front veloclties observed 
experimentally are found in the simulations under the hypothesis of a cylindrical divergent wave. 
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ABSTRACT 

The simulation of dynamic materia! response requires accurate numerical schemes, constitutive and 
fractures models. These models need to be integrated within the numerical scheme in a self. 
consistent fashion to accurately represent the observed materia! behaviour, particularly with regard to 
meso-macro scale behaviour. This paper addresses the issues associated with Lagrange and Eulerian 
numerical schemes, which need to be understood and correctly formulated in order to develop a 
predictive simulation capability. These issues are illustrated by a range of validation tests, which 
identify the importance of the effect of the numerical scheme. Future approaches being developed 
within QinetiQ are then described to address some of these fundamental issues. 

INTRODUCTION 

Accurate constitutive models and the onset d fracture, its growth and post failure behaviour limit most 
computational methods for engineering materials that experience large stresses and strains. Simple 
empirical fracture models have existed for a number of years and have been successfully applied in 
high velocity impact calculations. The most significant problem is that different criteria apply under 
different loading conditions and great care must be exerdsed when attempting to model material 
fracture. Any fracture algorithm must ultimately be capable of recognizing not only the loading 
condition but also changes in loading condition. The other important consideration is the recognition of 
the importance of the microMmechanical basis for a proper treatment of brittle, ductile and shear 
failure. Without this a comprehensive treatment of fracture with a single universally applicable model 
will not be possible. Our research over the past 15 years has been aimed at achieving this goaL 

The challenge for the numerical methods and material algorithms is the range of fracture features that 
are observed experimentally. These include: 

Static fracture characterized by one fracture or crack, which propagates to separate the material. 
Fragments form from the branching of the original crack. 

Dynamic fracture characterized by rapid nucleation of microMvoids or microMcracks at a large number of 
locations, which then grow and coalesce to form one or more continuous fracture surfaces. 

Damage growth that leads to failure characterized by a function of the applied stress history. There is 
no instantaneous jump from undamaged to a fully separated material. As the level of damage 
increases the material is weakened, its stiffness is locally reduced with associated changes in stress 
wave propagation. 

MATERIAL & FRACTURE MODELS 

Work in QinetiQ over the past 15 years has demonstrated that the simulation of fracture processes 
cannot be isolated to the definition of a fracture model. The fracture process is greatly influenced by 
the deformation model, which dictates the stress system and degree of localization within the material 
[1]. For a meta! these are primarily a function of strain, strain rate and temperature and our research 
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has developed advanced validated constitutive and fracture models capable of reproducing this 
behaviour [2]. The localization and the state of stress then drive the failure process leading to fracture 
of the material. Our most significant advance in this area has been the development of 
computationally efficient algorithms capable of reproducing observed path dependent behaviour, both 
for deformation and ductile fracture, due to Goldthorpe [3,4]. 

In particular the use of a generalized path dependent approach adapted to ductile fracture is novel and 
reduces the damage evolution to a physically based integral form. This interim approach expresses 
the void growth as a function of stress triaxiality and strain increment and is defined as follows: 

s;~ O.67!exp[1.5a,,-O.04a:"}tt (1) 
o 

where Sc = critical damage threshold 

Un = PressureIYield (PlY) 

£ = effective plastic strain 

The Sc value is determined from a quasi~static tension test and has been validated against tensile 
tests performed by Bridgeman under hydrostatic pressure [4]. The model is an interim approach since 
it assumes the voids grow independently in a rigid plastic material. In reality the voids will interact and 
the local work~hardening behaviour of the material surrounding the voids will affect their growth. 

CURRENT CAPABILITIES 

The choice of numerical method can only be made when aU the physical phenomena of interest 
possible in a physical problem have been considered. Each method has its advantages and 
disadvantages and the merit of one method over the other is not always obvious. In our research in 
the study of detonics and penetration mechanics we are interested in very large fluid distortions and 
lnter~penetratjon of material. For these problems an Euler scheme is the preferred numerical method. 
Our research into the deve!opment of materia! constitutive and fracture algorithms and the response of 
structures and systems to dynamic and quasi-static loading conditions, however, requires a Lagrange 
method. We therefore have to ensure that our material and fracture algorithms are robust, producing 
equivalent results when used in either numerical method, thus ensuring that the model formulation is 
consistent with the numerical integration scheme. If this is not the case then the hydrocode can 
produce inconsistent predictions, or become unstable, resulting in a false interpretation of the physics 
of the event 

LAGRANGE 

Numerics: In a Lagrangian scheme such as that used in DYNA, the numerical mesh is 
mapped to the material boundaries and distorts as the material deforms. The mesh consists of 
elements with nodes at each vertex and the mass within each element remains constant. The 
computational cycle commences using the initial conditions to calculate the acceleration at each node 
using Newton's second law. This relies on a lumped mass within the element being apportioned to 
each node through various averaging techniques, such as those attributed to Wilkins [5J. The 
accelerations are then used to calculate the velocities and displacements at each node using simple 
integration. This allows the calculation of the strain components and hence the stresses and the 
pressures, which are stored at the centre of the element. This is achieved through a definition of an 
equation of state defined in P,V,E space and a constitutive model describing the stress state within the 
element. These can be linked to a failure model if the fractUre behaviour of the material is being 
investigated. Lagrangian methods are very powerful in addressing dynamic material behaviour since 
the numerical scheme is extremely robust and stable and material interfaces are precisely defined. 

Whilst this is true for low element distortions, it has been demonstrated by Benson, Hallquist [6] that 
significant element aspect ratios and distortions reduce the accuracy in the rnsic calculations of strain 
and hence stress. There are two main reasons for this; firstly for aspect ratios exceeding about 3: 1 the 
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transmission of certain wavelengths or frequencies is diminished, resulting in erroneous shock wave 
profiles. For this reason it is usually best to use square mesh elements in order to preserve shock 
wave profiles. Secondly when the elements become distorted in shape the techniques required for 
lumping nodal masses becomes flawed due to the averaging techniques, which have increasing errors 
as the distortion becomes more pronounced. This latter aspect has been addressed by numerous 
researchers and resulted in a variety of more accurate averag'lng methods, such as the area Galerkin 
technique [7] and many others. However, it is fair to say that the best methodology usually depends on 
the nature of the problem. 

These limitations are quite severe since it is very difficult to design an optimum mesh for a given 
scenario. This is illustrated with an Explosively Formed Projectile (EFP) simUlation where the mesh in 

the liner is orientated laterally with respect to the axis of symmetry at the start of the simulation but 
then changes its orientation to an axial alignment during the calculation. Therefore one must 

compromise between capturing the general deformation process that produces the projectile and 
computing inaccurate wave propagation and state variable information due to the elongated elements. 

This technique is adequate for capturing the shape information of the projectile, but is prone to 
inaccuracy jf investigating local strain or temperature within the projectile is of interest. 

The numerica! accuracy of the elements also implies that to achieve sensible results the mesh 
resolution must be fine enough to resolve all the necessary physics within the equation of state and 
the constitutive model. This is important if one is attempting to resolve a deformation gradient, 
otherwise an incorrect stress state will be predicted. This has important knock-on effects if we then 
wish to predict the likelihood and form of any fracture that might result. 

The two main obstacles to accurate predictions within a Lagrange scheme are the contact algorithm 
describing how material interfaces are treated and the method used to determine post failure 
treatment of an element. 

Contact Algorithms: There have been numerous significant improvements to the contact or 
slide line treatment within Lagrangian hydrocodes [8] and it is outside the scope of the paper to 
describe these in any great detail. Suffice it to say that these developments have vastly increased the 
scope of calculations now routinely conducted using Lagrangian hydrocodes, including crash 
worthiness, structural modelling, metal forming, machining problems, airbag inflation etc. Indeed some 
of these problems required special contact algorithm development simply to allow the simulation to 
run. 

However, in terms of Simulating material and fracture behaviour, the slideline treatment can have a 
significant influence on the prediction, particularly in those cases where friction is important. This is 
illustrated in a simple compression Hopkinson bar test, where the omission of friction at the interface 
results in the specimen compressing evenly, such th3t the cylindrical shape is preserved under 
uniaxial stress. The Hopkinson bar test tries to achieve this condition using advanced lubricants 
between the bars and the specimen. However the inclusion of friction in the simulation results in a 
distorted specimen, since the shear stresses induced by friction (Figure 1) produces a complex triaxial 
state of stress. The interpretation of any material test involving loading by compreSSion or impact, 
therefore, can be greatly influenced by the presence of friction, which will exist, even with lubrication. 
This presents significant difficulties since the friction law and the static and dynamic friction coefficients 
can be difficult to determine. Thus for validation purposes there is always the difficulty of whether the 
constitutive model is inadequate or the slideline treatment results in an inaccurate representation of 
the friction. A valuable use of simulations, therefore, is to understand the sensitivity of the friction 
coefficient on the constitutive response. 

Erosion Algorithms: One of the main difficulties in the treatment of fracture in a Lagrangian 
numerical scheme is the mlfthod used to describe the element behaviour after they have been 
deemed to fail. A simple ~proach is to set all the stresses and moduli to zero, such that the element 
can recompress, but cannot support tension. This can work surprisingly well in a number of scenarios, 
such as spall under uniaxial strain conditions. The main problem with this technique is that, the failed 
elements become much more susceptible to hourglass modes, due to the strength discontinuities, 
which can then affect the rest of the adjacent unfailed mesh, resulting in unstable solutions. !n addition 
the fracture process can te driven by the formulation of the numerical treatment, rather than through 
any physics. An example of this behaviour is the propagation of cracks at velocities in excess of the 

47 



Rayleigh waves peed, Many experimental studies have demonstrated that cracks cannot propagate at 
these higher velocities. 

Fig 1 ~ DYNA Simulation of Hopkinson bar compression test with friction between bars and specimen 

An extreme solution to this problem is to simply delete or erode the elements. This is completely 
artificial and results in the loss of mass, momentum and energy, which in a coarse mesh can be 
significant. However, eroding the elements does have some advantages. Modern s!1de!ine algorithms 
(e.g. automatic contact) can cope with the opening of internal free surfaces and their subsequent 
reclosure. If the numerical scheme can also cope with the free surface, without inducing significant 
hourglass modes, then a stable solution can result, although this depends on the class of problem 
being investigated. In addition, eroding the elements creates a definite break in the materia!, such that 
waves cannot propagate across the ensuing gap, For applications involving spall, this is quite 
important when validating a fracture model against a VISAR trace in a plate impact test. Careful 
analysis is required to determine whether the numerical treatment or constitutive and fracture model is 
the problem in not obtaining good agreement between experiment and simulation. An example of the 
significant improvement that can be obtained by using the Goldthorpe Path Dependent Fracture Model 
in DYNA2D to predict a plate impact spall VISAR trace is given in Figure 2. Also shown in the figure is 
the comparison with a simple semi-empirical PlY against failure strain fracture algorithm and the 
results for cAst Eu!er. 

The rea! issue concerning the use of erosion algorithms is the mesh resolution used in the simulation 
around the point of fracture. If the mesh becomes finer, then the mass of materia! being deleted 
becomes much smaller and in the limit insignificant. Experimental investigations have demonstrated 
that even for 'clean' spall fractures, some mass of the materia! is lost (Le. broken off), This has been 
demonstrated by Shockey [9], who used detailed mapping of the topology of post fracture spall 
surfaces and compared them with the unfractured material. 

Fig 2: Plate Impact: Copper Flyer Armco Iron Target at 285m/s: Comparison of Numerical Schemes 
with Experiment: PlY model (left), Path Dependent Failure Model (right) 

The real issue concerning the use of erosion algorithms is the mesh resolution used in the simulation 
around the point of fracture, If the mesh becomes finer, then the mass of material being deleted 
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becomes much smaller and in the limit insignificant. For these reasons and for simplicity, the work in 
QinetiQ still uses the erosion technique for the post failure treatment of Lagrangian elements. 
However, great care is taken to ensure that the mesh resolution is sufficient to resolve the necessary 
physics gradients and to ensure that the loss of mass and momentum is minimized in the erosion 
process. An example of this is demonstrated in Figure 3 for a spigot intrusion through a steel plate. 
The constitutive model used was the modified Armstrong-Zerilli model and the fracture model was the 
Goldthorpe model described previously. The calculation is important since the width of the 'crack' is 
similar to the experimental observation and the mesh resolution is such that the crack velocity has 
converged at a value not inconsistent with experimental measurements of crack velocity in steel 
plates. This process has enabled the threshold spigot velocity, below which the spigot does not 
perforate the plate to be simulated much more accurately than with previous techniques. We consider 
this to be a vindication for our approach to pursue constitutive and fracture models, which are 
physically based deriving their coefficients from basic material tests. 

~~~;:'"'~~~h~~~:::~Vl~~_~ln£bJ~~~" D_. £n_.e cO:E~l''i:j=;;~;: 
, 'C,"'_ '.v~', 

Fig. 3 - DYNA Simulation of 
Spigot Intrusion 

Fig. 4 - Copper fracture cylinder, experiment (top left), DYNA 
simulations (XM copper top right),Prestressed copper (DYNA bottom 
left, Euler bottom right) 

Due to the attention to detail in the integration of the constitutive and failure algorithms within the 
Lagrangian numerical scheme, the simulations have identified important sensitivities and influences of 
material properties on the fracture process. This is illustrated with the copper fracture cylinder test [10], 
where the fracture predicted was grossly overestlmated, unless one accounted for the initial pre
streSSing within the copper (Figure 4). The results are also shown for cAst Euler. 

The above discussion has shown how the formulation of the basic Lagrange numerical scheme, 
capable of simulating 'real problems' of interest, has to include a number of assumptions that can 
conflict with constitutive algorithms and the treatment of failure processes. Nevertheless Lagrange 
codes can make excellent predictions of the failure process. 

EULER 

Numerics: In an Eulerian scheme the numerical mesh is fixed in space and material moves 
through it. For infinitesimal displacements the definition of strain in an Euler or Lagrange frame of 
reference is the same. Under this assumption the Euler scheme can be represented by a Lagrange 
step followed by a remap of the flow field back to the original reference frame. This is the methodology 
adopted by all Euler hydrocodes. In our development of the cAst Euler capability we have adopted a 
staggered grid scheme with velocities defined at the cell corner nodes and all other variables at the 
cell centre. The resulting Lagrange step is solved using a finite difference scheme and involves simitar 
steps to those described above for a Lagrange code such as DYNA. The Lagrange phase in cAst 
Euler is then as accurate as the basic Lagrange scheme in DYNA. In some respects, because the 
mesh is always square many of the problems with mesh distortion, described above do not occur. In 
addition the problems of slide line formulations are avoided. 
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However, the materia! transport or advection component of the formulation in any Euler code, is 
considerably more complicated than the Lagrange step. In the case of the staggered grid we have the 
additional problem associated with the transport of momentum and the allocation of mass to each 
velocity vertex. 

In principle the fact that an Euler code is always dealing. with a rectilinear mesh that does not distort 
implies that flow field variables can be accurately defined. In practice, however, the advection step will 
always introdUce dispersion and dissipation into the flow field, even though it conserves mass and 
momentum through the equations used. In implementing material constitutive and failure algorithms 
into an Euler code the influence of the advection step on algorithm performance is the critical factor. 

The advection step in an Euler code can be considered as passively convecting material across the 
spatially fixed Eulerian cell boundaries. Thus the value of a flow field quantity, F, in cell (i,j), is 
determined by the following equation: 

This is a conservation equation even though there may be no physical conservation law for the flow 
field variable being advected, e.g. stress deviators. The effect of equation 1 is to average the 
properties of the material in the cell. This can be a particular problem when the property is damage, 
since the effect of the advection step is to continually dissipate/disperse the damage level as the 
material moves through the mesh. Clearly the amount of dissipation will be very dependent upon the 
mesh size used to define the problem. 

All of the numerical schemes used in an advection s:ep are dispersive and some also introduce 
severe dissipation, for example if the scheme is first order. In the case of mass and momentum 
advection kinetic energy is not necessarily conserved and can appear in other parts of the mesh. In 
addition low order schemes will fail to maintain gradients in density and energy, which can affect the 
formation and propagation of a shock wave or other material or flow field discontinuity. This is 
particularly important when we are trying to introduce fracture into our material description. Our group 
at Fort Halstead has studied these problems in some detail. We have found for prompt fracture 
processes a first order scheme can still provide useful solutions [11] prqvided we define the problem 
on a relatively finely resolved mesh. However for an accurate solution with minimum dispersion and 
dissipation we have to resort to a third order accurate numerical advection scheme. This has been 
implemented in cAst Euler. We have found that in addition to a more accurate solution we can also 
define problems on meshes with larger cell sizes. 

In a higher order advection scheme the properties of the material, within the volume that is moving 
across a cell volume, are calculated using information from the upwind and downwind cells. This 
approach is quite flexible since the materia! property can be considered a function of a dependent 
variable, (distance, volume, or mass). Whilst the process is rigorous for conserved quantities such as 
mass and energy, it is less rigorous for non~conserved quantities such as plastic strain or work, stress 
deviators, damage and other material histories. Our approach has therefore been pragmatic in the 
selection of the appropriate dependent variable. For example plastic work has the dimensions of 
energy and therefore has mass as the dependent distribution variable. 

As our understanding of material deformation theory has improved we have been able to develop 
algorithms capable of describing path dependent processes, including failure. The impact of the 
advection step on the material histories used in these algorithms, therefore, has to be accounted for in 
their numerical formulation. Indeed the progress achieved has been possible because the material 
and computational scientists have worked closely together. 

Mixed cel!: The other major difference between an Euler and Lagrange scheme is that in an 
Euler scheme a cel! can contain more than one material. We therefore have to identify and track 
materia! interfaces to minimize materia! mixing. The interface-tracking algorithm developed in cAst 
Euler constructs the interfaces between materials in a mixed cel! by utilizing information on the 
material volume fractions within the 8 (20) and 26 (3~) neighbouring cells. It performs an excellent job 
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in maintaining interfaces and the shape of objects in uniform translation across the mesh as weI! as 
having the ability to track thin layers of materials within a cell. 

The physics of the mixed cell presents other problems, since it requires cell average values to drive 
the Lagrange step. We thus have to define the algorithms that calculate the cel! pressure to determine 
the acceleration and the way in which the cell divergence is apportioned between the materials in the 
cell. In cAst Euler we use a non-equilibrium in mixed cells by applying a constant divergence to each 
material and then volume weighting each material pressure. There is dearly a wide range of 
alternatives that CQuld be applied to the mixed cell and other codes do employ them [12]. Whilst our 
approach avoids violating the Courant stability criterion it is not without its problems. When the 
compressibility of the materials within the cell are very different, for example a metal and a gas, the 
use of an average pressure will under/over compress the higher/lower compressible materials. In 
terms of the acceleration of the cell our experience has shown that the situation rapidly reduces to the 
correct free-surface conditions within a few cycles. However, the material energies and hence 
temperatures within the cel! wi!1 also be incorrect. This is a similar problem to that encountered in a 
Lagrange scheme at material boundaries. Given the importance of temperature in modern constitutive 
and fracture algorithms this can have a significant effect on the response of a material. This is a 
universal problem whatever the numerical scheme employed. In part it derives from the fact that all 
hydrocodes use a P,V, E material description and not a P,V,E, T description. It is therefore important 
to understand that the mixed cel! surface cells of an object within the mesh may weI! have very 
different constitutive properties compared to those cells internal to the object. 

In terms of a mixed cell where the constituents all carry strength the usually mixed eel! algorithms 
imply that surfaces cannot support latera! motion, i.e. the friction force is infinite. This obviously has a 
similar impact to the problems discussed above concerned with slidelines in a Lagrange framework, 

Fracture representation: Within cAst Euler once a cell has been flagged as having failed in 
tension the material within it is relaxed back to ambient density. This creates a volume deficit within 
the cell, which is filled with either a gas or void. This process thus attempts to reproduce the 
nucleation of voids at the meso-scale. At the same time the stress deviators and strain are relaxed on 
the basis of the volume of void/gas introduced into the cell. Whilst this is an arbitrary approach, since 
there is no conservation law for stress or strain, it does work well for most situations. To avoid energy 
conservation errors the change in energy of the failed material is assigned to the inserted gas. Thus 
the process conserves mass momentum and energy and avoids the requirement in a Lagrange 
scheme of deleting a cell and its contents from the mesh. 

Whilst this process has created an internal interface within the cell the velocity nodes on either side of 
this interface are still connected through the finite difference operators. This should be compared to a 
Lagrange scheme where we create a true free surface by deleting an element. The introduction of a 
surface separation algorithm, which confines further expansion to the void/gas inserted into the failed 
cell, is likely to improve the free surface condition at the fracture surface and provide a sharpened 
discontinuity in the stress field. This is currently being investigated. Its genera! implementation in 3D is 
however, not straightfOlward. 

The process described assumes that the fracture surface extends beyond the cell under consideration 
into neighbouring cells. If, however, the failed cell is isolated within the materia! the interface algorithm 
cannot currently determine its motion within the flow field. The 'hole' in the material thus can get 'left 
behind'. For slowly developing failure processes or the development of cracks in moving objects this 
can prove a significant problem and research is underway to develop alternative strategies for the 
interface algorithm. The research also extends to the integration of the fracture model into the solution 
framework. For fracture criteria that are tEsed upon a level of stress, strain or tri~axial state of stress 
(PlY) - effective strain, the point within the solution step where failure is determined is arbitrary. In 
previous versions of cAst Euler this was performed at the start of a cycle. This minimized the impact 
on code performance due to the need to cal! the equations of state for cells that had failed. However 
when failure criteria are based upon increments of strain as in the Goldthorpe path dependent ductile 
fracture models, consistent time and space centred variables have to be used to determine whether a 
cell has failed. Currently we therefore check cells for failure in the half-timestep (n+;h) calculation in 
the Lagrange step. 
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Clearly the relation of the failure algorithm in an Euler code to actual materia! behaviour is very 
dependent upon the numerical resolution employed. However for the general case the resolution is 
such that this representation of fracture can only be considered phenomenological. Its success is 
related to the introduction of a free surface, which alters the loca! state of stress and the wave 
propagation within the material. Provided the stress wave propagation induced by the fracture surface 
is accurate the predicted and observed global fracture behaviour will agree. This is most Ilkely to occur 
in situations driven by strong discontinuities such as shock and rarefaction waves. 

The simplest fracture system is spall since it can be considered a 10 prompt process. The ability of 
cAst Euler to reproduce the VISAR velocity time history of a plate impact experiment is shown in 
Figure 2. The level of agreement between the Euler prediction and experiment is very good for the 
PDF algorithms. The results are also in good agreement with the Lagrange code DYNA. The 
differences in the recovery velocity and subsequent spall signals reflect some of the issues discussed 
above, particularly the free surface condition at the spall plane. This is compllcated due to the fact that 
the failure process manifests as a complex serious of closely spaced free surfaces. The mesh 
resolution is fine enough to resolve the sensitivity of the VISAR system. 

A very useful 20 test of a fracture algorithm in an Eulerian frame is the explosively loaded fracture 
cylinder discussed above. Once again it is a prompt fracture test, driven by the strong shock waves 
and release waves generated by the axial column of explosive. The ability of the Euler scheme to 
describe the process is illustrated in figure 4, where it can be directly compared with the Lagrange 
result. In this case the fracture model was a simple semi-empirical PlY against failure strain fracture 
algorithm. Many materials, such as copper also show internal structure to the fracture surface in this 
test, which provides a challenge for both the scheme and that is a strong test of the fracture model 
and the code. 

The above examples relate to a prompt failure process driven by a single mode of fracture. A situation 
where this does not apply is the plugging phenomenon observed when a projectile impacts a plate at 
relatively low ballistic velocities. The initiation of failure as the plate deforms is a ductile one driven by 
stress triaxiality I.e. a POY process. Simulations showed, however, that once the crack initiates the 
shear strain localizes and drives the failure process [13]. This change of failure mode can be 
accommodated within the existing PlY algorithm by extending the fail - no fail boundary into the 
positive POY region and defining the effective strain in terms of the plastic strain, since the plastic 
strain includes the shear strain in its calculation. The ability of the algorithm in an Euler frame to 
reproduce the observed plug formed experimentally, including the change of propagation direction of 
the crack is shown in Figure 5 

Fig 5 - cAst Euler simulaiton of plugging of 10mm thick RHA plate Impacted by aluminum sphere at 
1200m/s 

The extension of the POY model in this manner, although not based upon any rigorous theoretical 
approach, works very well for ductile materials. However, for more brittle materials, where the data 
does not extend to high levels of effective strain the approach is not as successful. Our research has 
demonstrated that we need a failure mode! that can describe the range of failure modes observed in a 
material that is soundly based on theory and characterized by simple experiments. As will be 
discussed below, whilst this is our long-term objective. We recognize, however, that a properly 
constructed phenomenological model can be as equally successful for a specific set of applications. 
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Damage: The issues discussed above, associated with the advection step and the way we 
implement fracture in an Euler code has obvious implications for failure processes characterized by a 
state of damage that evolves towards a critical level fracture point. In this instance a free surface will 
not necessarily be created. Instead a number of cells within a region of the material will accumulate 
the damage. The altered state of stress will then change the wave propagation behaviour, which will 
manifest Uself in subsequent global behaviour. The degree of localization will depend upon the stress
strain field and the effect of the advection step in smearing it over a number of cells. The dissipative 
and dispersive properties of the advection step in this process will be clearly very important. This is an 
active research area for our group and various ideas to minimize this effect are under consideration, 
including the use of particle in cell methods. 

We have, however, been able to demonstrate that the existing formulation can reproduce the creation 
and propagation of damage in a brittle material often referred to as the failure wave. The 3D cAst 
Euler simulation of the impact of a rod on a glass block is compared with the experimental resLilt [14] 
in figure 6. It shows the effect the localization of the damage in the glass block has in preventing the 
projectile from penetrating it. This erosion of the projectile on the surface of a brittle material is referred 
to as dwell. 

Fig 6 - cAst Euler simUlation of 3D dwell of mild steel rod impacting glass block, compared with 
expeirmental flash Radiography (courtesy of Cambridge University). 

DISCUSSION & FUTURE WORK 

The discussion in this paper has been restricted to Euler and Lagrange numerical schemes and their 
ability to predlct failure behaviour in materials given suitable material constitutive and failure 
algorithms. There are of course other numerical schemes of interest, induding discreet finite element 
and Smooth Particle Hydrodynamics (SPH) and mixed particle-continuum formulation developed by 
Farenthold and Horban [16]. One of the ironies is that the strength of a given numerical scheme is 
often the weakness in others and vica-versa. For example Lagrange schemes are excellent at defining 
material free-surfaces in terms of position and stress behaviour, whereas this causes some problems 
in SPH. On the other hand SPH can handle very large distortions (since it is meshless), whereas 
Lagrangian elements get distorted. One potential solution to this is to have hybrid elements, which can 
switch, between Euler, Lagrange and SPH. Indeed considerable progress has been achieved in 
switching Lagrangian elements into SPH particles [15]. However, the numedcal difficulties in allowing 
elements to switch from SPH to Euler for example remain considerable and to date little progress has 
been made. There are a number of difficulties with this approach, since inevitably any mapping from 
one element type to another, including a mesh!ess scheme, will lose information. In addition the 
definition of the criteria for the switch needs careful thought since the original scheme may be in 
significant numerical trouble and the solution being mapped, therefore, inaccurate. The predictive 
ability of any fracture algorithm and the numerical scheme it is used in is ultim ate!y governed by three 
factors. The first is the accuracy of the constitutive model to describe the state of deformation of the 
material, including any history or path dependent processes. The second is the ability of the fracture 
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algorithm to represent the observed fracture behaviours of interest in the material. The final one is the 
mesh resolution employed in the simulation. In general the finer the resolution the better the predictive 
capability. If the model is attempting to reproduce meso-scale fracture processes that may be 
governed by different length scales, however, it must be recognized that extremely fine numerical 
meshes will be required. One way of achieving this in a simulation of a realistic structure is to employ 
adaptive meshing methods. Whilst this is potentially a promising option considerable research needs 
to be undertaken into the appropriate mesh adaption criteria. The main advantage of using adaptive 
techniques is that the numerical scheme is consistent and the issue is more about boundary 
conditions between fine and coarse meshes and the genera! data structure between the meshes. 

Another approach for linking the meso-scale to macro-scale response is to embed analytical damage 
models within the hydrocode. The methodology makes use of the ability of the analytical damage 
model to accurately track the progress of damage within the cell. In this way much more precisely 
defined failure criteria, which can account for void interaction, under well-defined stress states or 
boundary conditions can be applied. It is extremely difficult, however, to calculate evolving boundary 
conditions analytically. If an analytic solution can be obtained, however, the progression of damage 
information can be fed back into the hydrocode scheme, which then calculates the new stress-state. 
As hydrocodes have extreme difficulty in simulating the meso-scale this approach offers the best 
aspects of each approach in an efficient computational algorithm. 

The difficulties of this approach should not be under-estimated, however, since the analytical solutions 
to describe void interaction are novel. There is therefore little or no reference within the literature, to 
benchmark the predictions. Thus we are employing selected detailed simulations of void growth and 
interaction under well-defined boundary conditions to validate the analytic predictions. The other 
significant difficulty is relating the analytic variables, such as radius of curvature of voids, into a 
tractable hydrocode variable such as stress, strain, strain rate etc. Once this is achieved the 
subroutine would be structured such that the hydrocode would predict the state of stress in the cel! or 
element and a library of analytic solutions would be searched to determine whether the cel! had failed. 
This approach also has a potential counter-intuitive culture shock since the mesh has to be large 
enough to ensure the analytic model is representative of the rea! material behaviour and contains 
enough voids. The aim in OinetiO is to use this approach, together with adaptive Euler numerics. 

Another potentia! benefit of the generic path dependent models being developed is that the model can 
be defined in terms of strain components. This allows the model to describe anisotropiC behaviour in a 
continuum frame of reference using a physically based approach 

CONCLUSION 

1. This paper has reviewed the research at Fort Halstead over the past 15 years into the development 
of materia! constitutive and failure algOrithms for use in Lagrange and Euler hydrocodes. 

2. The careful integration of algorithms into the numerical scheme is crucial for the effective validation 
of constitutive and failure algorithms. 

3. A future methodology for linking meso-scale to macro-scale within a continuum hydrocode 
framework has been proposed. 
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Numerical Analyses of the Shear Zone Formation in 
Impact Shear Tests 

ABSTRACT 

P. Chwalik, J.R. Klepaczko and A. Rusinek 
Laboratory of Physics and Mechanics of Materials 

Metz University, lie du Saulcy, 57045 Metz cedex 01, France 

In this paper a shear zone evolution is studied in Ti-6A!-4V alloy. Such process of deformation, leading 
to development of adiabatic shear band, is typical for fast and impact shearing. A very special 
experimental technique developed at LPMM-Metz has permitted for shear tests at a wide range of 
strain rates and also for development of an advanced constitutive relation valid for a large range of 
strain rates and temperatures (range of strain rate from 10-4 118 to about 105 1/s). Four different 
specimen geometries with different stress concentrators are tested and analyzed. After identification of 
all material constants for Ti-6AI-4V alloy in an advanced constitutive relation, such relation has been 
introduced into the finite element code ASAQUS Explicit. The constitutive relation ~counts for strain 
hardening, rate sensitivity and thermal coupling. In this way a complete dynamic approach with elastic
plastic wave propagation, adiabatic shear band development and failure could be considered. In 
addition, the critical impact velocity in shear has been estimated for Ti-6AI4V. 

INTRODUCTION 

The effects of different impact velocities, but also temperature coupling by adiabatic heating, and 
different stress concentrators are very important in a variety of applications in aviation and armament 
industries. Usually a shear mode of deformation dominates during impact loading and perforation. In 
order to study the processes of impact shearing the modified double shear tests was chosen to study 
Ti-6AI-4V alloy. This alloy shows a low strain hardening rate combined with a low thermal conductivity 
and relatively high rate sensitivity. This combination of mechanical and thermal characteristics leads to 
an easy triggering of adiabatic shear bands (ASS) in all Ti alloys. 

EXPERIMENTAL TECHNIQUES OF SHEAR AT DIFFERENT STRAIN RATES 

In order to study behavior of Ti -6AI-4V alloy a wide range of strain rates in shear was applied. The 
lower range of strain rates, from 10-4 1/s to 102 1/s, was covered by application of a fast hydraulic 
machine. A special device to support and clamp of the modified double shear (MDS) specimens was 
used together with a high-precision displacement measurement system based on two LVOT gages, 
[1,2]. The higher range of the nomina! strain rates in shear, from 103 1/s to near from _105 1ls was 
also covered. A new original experimental technique has been developed in LPMM ~ Metz to test 
materials in shear at high strain rates, [1]. This experiment is based on direct impact on the modified 
double shear (MDS) specimen geometry, so the same specimen geometry can be used within the 
whole spectrum of strain rates. The scheme of this technique is shown on Fig.1.The direct impact of a 
round projectile is applied to deform plastically up to failure the MDS specimen, [1]. The MDS 
specimen is supported by the Hopkinson tube instrumented with SR gages. The transmitted elastic 
wave measured by the SR gages, which is proportional to the force transmitted by the MDS specimen, 
can be measured by a digital oscilloscope. The projectiles of different lengths, from 100 mm to 400 
mm, are made of maraging steel and have diameter of 10 mm. They are launched from an air gun with 
predetermined velocities Vo' from 10 mls up to over 100 m/s. The impact velocity is measured by the 

setup using three sources of light, fiber optic leads and three photodiodes which activate two time 
counters. The time intervals of dark signals from the photodiodes generated during the passage of 
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1 LlOHT SOURCE 
2 PHOTODlODES (3) 
3 FillER OPTIC LEADS (6) 
4 T1ME COUNTERS (2) 
5 TEFLON ruNGS (2) 
6 SPECTMENTARGET 
7 STRAIN GAGE (2) 
3 2-CHAN. TRANSDUCER 
9 TRk'<SD. AMPLtHER 

to SR Al\1I'UFffiR (2) 
! 1 SR SUPPL'l UNIT (2) 
11 DIGiTALOSC. 
13 PC·486 
14 INTERFACE lEEf..488 
15 PRINTERORPLOTTER 

Figure 1. Scheme of experimental setup for impact shearing of the MDS specimen 
designed in LPMM 

a projectile are recorded after amplification by the time counters. In this way the impact velocity at the 
contact point projectile-specimen can be precisely measured. Axial displacement Ux(t) of the central 

part of the MDS specimen is measured as a function of time by an optical extensometer used as a 
displacement gage. Axial displacement of a black and white target attached to the middle part of the 
MDS specimen can be detected by this optical gauge, [1]. Axial force transmitted by the speelmen can 
be determined as a function of time from the transmitted longitudinal wave Et(t). AI! electric signals, 

that is the displacement Ue)(\Ct) of the black and white target and strain on the surface of the Hopkinson 
tube fTCt), via signal conditioners, are recorded by a digital oscilloscope. All experimental results are 
stored in a PC hard disk and analyzed later. Relations (1), (2), (3) permit for determination, both as a 
function of time, of shear strain r(t) and shear stress L(t) in the MDS specimens. Elimination of time 
leads to determination of 1:(1) at specific strain rate. 

(1) 

(2) 

T(t) (3) 

The final results of quasi-static and direct impact tests are shown in Fig 2 in the form of the maximum 
shear stress as a function of the logarithm of the nomina! strain rate. Three specimen geometries with 
different stress concentrators have been tested. The main task of such tests was to evaluate an effect 
of stress concentrator on the failure triggering, mainly in adiabatic conditions of deformation. The all 
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Figure 2. Experimental results for "U", "V" and "I" profiles: maximum shear stress 
vs. logarithm of strain rate 

geometries applied in this study, that is with three notch shapes: "U", "V" and "l" are shown in FigAb, c 
and d. In FigAa the standard geometry is shown, [1J. Fig.2 shows that the maximum shear stress is 
practically the same for all three geometries ("U" , "V" and "I"), moreover, at Jow strain rates the 
maximum stress is proportional to the logarithm of strain rate. At very high strain rates the maximum 
stress increases substantially then it stabilizes at the level -1550 MPa and next drops rapidly. It 
means that at very high nominal strain rate the critical impact velocity in shear (eIV) was reached, 
[3,4J. Slich behavior has been analyzed numerically for VAR 4340 steel and Ti -6AI-4V alloy, [5, 6J. 
The geometry has no influence on the maximum stress in quasi-static deformation, but lEcome 
important at high strain rates. The energy up to the maximum force transmitted by the "U", "V" and "I" 
specimens is shown In Fig.3 versus the impact velocity. Behavior is similar as compared to numerical 
results for VAR 4340 steel, [5]. When the nominal strain rate increase, the energy to break the VAR 
4340 steel diminishes, whereas for Ti-6AI-4V increases up to high values. Those large differences in 
adiabatic failure are fundamental and should be clarified in the future. 
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Figure 3. Experimental results for "U", "V" and "I" profiles: energy at 
maximum stress vs. impact velocity 
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CONSTITUTIVE RELATIONS FOR TI·6AL-4V 

After analysis of experimental data available in the open literature for Ti -6AI-4V alloy and the results 
obtained with the MDS technique (standard specimen geometry), the following explicit form of the 
constitutive relation has been developed [2, 5, 6, 7, 8] 

(4) 

where B, !-h, n, n, m are respectively, the modulus of plasticity, the shear rrodulus at T~300K, the 
temperature index, the strain hardening exponent and the logarithmic rate sensitivity, To ) I'o , rand 0 
are normalization constants. The temperature change of the shear modulus is given by, [5, 8J 

r.t(T)~flo(l-AT*-CT*2) and T*~ T -300 (5) 

where A and C are constants, and T*=T-300K is the modified temperature. In principle, this version of 
constitutive equations can be applied at RT and above. Since it is known that the rate of strain 
hardening in metals and alloys is temperature dependent and it diminishes with an increase of 
temperature, [9,10], the strain hardening exponent n was assumed as a linearly decreasing function of 
the homologous temperature [5, 6, 9,10] 

(6) 

where ro is the strain hardening exponent at T=300K, and Tm is the melting point. This modification 
was found essential for very high strain rates where adiabatic increase of temperature may be 
substantial. The total number of constants in relations (4), (5), {6} is 12 and they are determined by an 
optimization procedure, [2]. The main core of the constitutive equation is based on physical 
considerations, [10]. Since a large part of the plastic work is converted into heat the temperature of a 
deformed solid increases when plastic deformation advances. The principle of energy balance with the 
heat conduction leads to the standard relation, [11] 

(7) 

where y is the axis of heat conduction, t1 is coefficient of stored energy, p, Cv and A are respectively 
the density, the specific heat and the heat conductivity. When the process is entirely adiabatic then 
A=O and the simplified relation (7) leads to the expression (8) giving the adiabatic increase of 
temperature 

(8) 

The material constants for Ti-6AI-4V are as follows: 0 " 0.9 , Cv " 543 JI(kg K): p " 4.51 glcm3. 
Recent studies on pure Ti but also on Ti-6AI-4V indicate that the conversion coefficient t1 increases as 
a function of strain rate, [12J. In order to take into account his effect relation (9) is Introduced as 
follows 

IH:lo-alog( to) 
I' 
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The formation of ASBs is due to localization of plastic deformation in the adiabatic conditions. If the 
local strain rate is very high, it leads to the trapping of plastic waves by adiabatic shearing. This 
phenomenon is called the Critical Impact Velocity (CIV) in shear, [3, 4,]. By analogy to the CIV in 
tension, [9, 13]. it is possible to develop a model based on the criterion of the adiabatic instability, 
(iJTJar)A = 0, [9J. According to the rate-independent theory of elastic-plastic wave propagation, an 
analytical model to calculate the CIV was developed by Klepaczko, [3, 4]. The bllowing wave equation 
is applied to analyze the CIV in shear 

(10) 

where U is the displacement along the x-axis (shear direction) and the wave propagation is along the 
y-axis (perpendicular). The solution by characteristics leads to expression for Vc by separating elastic 
and plastic parts, 

r" II" 

t<~ IOedf'+. r czp(r)a1' 
o f'e 

(11) 

with 

and 
]/2 (', _( 1 de) 

•.. p- pdf' A (12) 

where r e is the limit of elasticity, r m represents the value of r corresponding to the stress maximum of 
the 't - [' adiabatic curve (Fig.9), G.e and 4p are respectively elastic and plastic wave speeds in 
adiabatic conditions. Such procedure for determination of Vc was applied for Ti-6AI-4V using the 
constitutlve relations (4), (5), (6), A more detailed diSCUssion of this procedure but also the verification 
by FE method can be found elsewhere, in [5] for VAR 4340 steel, and in [6] for Ti-6AI-4V. In the case 
of Ti-6AI-4V the elastic term constitutes an important contribution to the final value of CIV, the second 
term is relatively low because of the low rate of strain hardening causes very low plastic wave speeds. 
The nominal strain rate chosen for the calculations was 104 1/s. Thus, the two terms found are Vee:::; 
106.4 mls and Vcp:::: 14.0 mis, giving the final value Vc = 121 m/s. This value is comparable with other 
values for the CIV in shear for other materials, for example -.110 mls for VAR 4340 [5]. The CIV in 
shear can be treated as a new material constant, very important in estimation of fragmentation 
processes by ASBs 

NUMERICAL ANALYSES BY FE METHOD 

Development and evolution of ASS and failure in all four specimen geometries were analyzed by FE 
method. Numerical analyses were performed by the FE code ABAQUS Explicit The method uses a 
central difference rule to integrate the equations of motion explicltly through time. At the beginning of 
the increment, the nodal accelerations determined from dynamic equilibrium are integrated giving 
nodal velocities, After second integration the nodal dsplacements complete the total spatial-temporal 
solution of our problem. In order to calculate numerically an evolution of the plastic zones and failure, 
it is necessary to introduce a local failure criterion. A simple approach has been adapted after [14J. It is 
assumed that the critical value of shear strain in adiabatic conditions generates failure, Value of the 
critical strain rf in the criterion can be determined as proportional to the instability strain defined by 
(a-r/aI')A:::; 0 in the adiabatic conditions of deformation with the proportionality coefficient Ct, 

(13) 

Value of a [lapplied in the preliminary analysis was 10 with the first version of the material constants 
giving the minimum of the instability strain as 0.024, However, this value was two times lower then the 
corrected valUe. Recently values for the coefficient a were estimated by an inverse technique using 
FE code, [14]. It has been found that the order of a is about 29 , Klepaczko proposed to set the value 
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Figure 4. Four meshes used in FE calculations: (a}-MOS, 
(b)-profile "U", (c)-profile "V", (d)-profile "I" 

:> 

rime, 

Figure 5. Schematic representation of the rise time function 

(b) 

(d) 

of n to 30, [14]. The FE computations with corrected value of a are in progress. The double shear 
experiments were reproduced in FE simulations. Many aspects in FE analysis were optimized by 
Klosak, [5}, for example the meshes density, boundary and initial conditions etc. All profiles, that is the 
standard, "U", "V" and "I" were meshed using plane stress elements CPS4R (four nodes, reduced 
integration).The mesh for all four geometries is shown in FigAa, b, c and d. Also, different contacts 
specimen-tube were tried, such analyses had lead to the choice Dffree contact surface between the 
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L (a) (b) 

Figure 6. Evolution of deformation field as a function of impact velocity: (a)-20 mIs, (b)-iDa m/s 

specimen support and Hopkinson tube. The initial conditions in velocity were imposed in the form of 
the finite rise-time. Schematic representation of the rise time function is shown in Fig 5. The total rise 
time tm is chosen according to the experimental observation and is equal to 0.2 IJs. At lower impact 
velocities, the iocalizatlon of shear band is situated in the middle of the sheared zone, when the 
impact velocity increases (about to 100 m/s), a shift of the band is observed in the direction of the 
impact side of specimen as it is shown in Figs.5a and 6b for the standard geometry. 
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Figure 7. ASS formation for "U"-profile 80 m/s impact: (a) -1.4 ~s, (b) - 3.6 ~s, (c) - 6.9 ~s, (d) - 9.1 ~s 
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Figure 8. Numerical results for MDS specimen with local failure criterion, a=10 

This transition is caused by the superposition of plastic waves and adiabatic shear. This happens 
when the impact velocity is close to the CIV in shear. Since for the "U" geometry the stress 
concentration is the lowest the shift of the ASS into direction of the impact side is relatively small, 
Figs.7a, b , c , d. A very good levels of maximum shear stress were obtained by FE calculations. The 
reconstituted shear stress versus shear strain curves obtained by FE with value of a::: 10 in the 
criterion (13) are shown in Fig.8. An important level of vibration appears when the impact velocity is 
higher than 10m/s. After filtering the FE specimen response the maximum shear stress approaches 
theoretical predictions from the constitutive relations as it is shown in Fig.9 The solid lines are the 
prediction by the constitutive model and the points represent FE results (filtered results of Fig.B). The 
points obtained by the FE method show also presence of the CIV in shear. Concerning the CIV the 
analytical predictions are slightly superior to that found by FE, this may be caused by a small value of 
a assumed in FE calculations. 
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Figure 9. Shear stress vs. logarithm of strain rate at strain 0.1, comparison between model (isotherm 
and adiabatic conditions) prediction and numerically filtered results, dashed line indicates the 

beginning of CIV 
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CONCLUSION 

The constitutive relation developed in LPMM gives a good possibility of implantation in finite element 
codes like ABAQUS Explicit. It permits to find a good agreement between experimental results, 
analytical prediction and FE simulations. This has been proven so far in many cases, for example of 
double shearing for Ti ~6AI-4V and steels, [2,5,6,8J. In the case of Ti-6AI-4V experiments show similar 
behavior at low and medium strain rates for all four geometries of specimens used. But at the nominal 
strain rate higher then 2*104 1/5 the stress concentrators begin to dominate along with a very high rate 
sensitivity. The stress concentrators enhance the local strain rates. The local levels of strain rate may 
be are much higher than the nominal values. The microscope observations have permitted to make 
important corrections [8J and to modify the local failure criterion. 

The FE simulations of the MDS specimen backed by the Hopkinson tube seem to give a good 
reconstitution of dynamic response of the specimen for different impact velocity in the form of shear 
stress versus shear strain. It has permitted to estimate the C1V for these specimens by the FE code. 
The value of C1V =100 mls obtained by these first simulations is comparable to the theoretical value of 
121 m/s. However it is lower then 132 mls for an infinite-length layer, [6]. The local failure criteria must 
be verified for different stress concentrators, and it is a subject of actual work. The phenomena of 
vibration must be understand to allow for a better comprehension and exploitation of numerical and 
experimental results. Concerning the temperature coupling, and more precisely a very high 
temperature gradients observed in the latest stages of failure, suggest that introduction of the heat 
flow into numerical calculations by FE codes instead of adiabatic approximation is needed. 
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Brittle materials such as ceramics and concrete are commonly used in ballistic protection. The 
response of such materials to impact, perforation and penetration is complex and only limited physical 
instrumentation can be used in experiments. This paper demonstrates how a hydrocode, such as 
AUTODYN, can be used to aid in the understanding of the response of brittle materials to high 
pressure impact loading. While the penetration process is dominated by the material compressive 
thermodynamic and deviatoric response, the final damaged state of the materia! can be significantly 
influenced by the tensile behaviour. Modelling of the final damage state is important since this is often 
the only physical experimental information available and traditionally hydrocodes have had limited 
capabilities for modelling tensile behaviour. In this paper we present a unique implementation, in a 
hydrocode, of a tensile crack softening mode! for improved modelling of brittle materials in the tensile 
regime, Tensile failure initiation is based on principal stress while the post-failure tensile strength of 
the material is controlled through a damaging Rankine plasticity failure surface. The performance of 
the model is demonstrated through several simulations of impacts onto ceramic and concrete and the 
results compared with experiments. 

INTRODUCTION 

The numerical simulation of impacts on brittle materials, such as ceramics and concrete, requires the 
definition of appropriate material constitutive relations. These must be able to represent the evolving 
macro-mechanical material properties resulting from the detailed and complex micro-mechanical 
material behaviour. For ceramics the model presented by Johnson and Holmquist (JH2) [1] is 
commonly employed for this purpose. For concrete, the model by Riedel, Hiermaier and Thoma (RHT) 
[2J is commonly used in AUTODYN. A phenomenological rate dependant elasta-plastic approach is 
taken in both these models to represent the pressure dependent octahedral shear strength of the 
material in both intact and fully damaged states, Transition from the intact to damaged state is based 
on the accumulation of inelastic deviatoric shear strain. 

While the brittle materia! penetration process is dominated by the material compressive 
thermodynamic and shear response, the final damaged state of the material can be Significantly 
influenced by the tensile behaviour. Modelling of the final damaged state is important for predicting the 
multi-shot performance of materials/systems. Further, it is often the only physical information that is 
available experimentally. Here we describe the implementation, in a hydro code, of an elasta-plastic 
tensile crack softening model for representing material fracture and damage due to principal tensile 
stresses. The tensile damage model can be combined with many existing brittle material models and 
therefore allows coupling of material damage caused by octahedral shear stress rod volumetric 
tensile pressure. 

An overview of the AUTODYN software [13],[15] is presented followed by a description of the 
implementation of the tensile crack softening model and how this is coupled with existing constitutive 
models for brittle materials. 
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Two example simulations are presented which combine the tensile crack softening model with the JH2 
brittle damage model. The simulations are performed using the SPH (Smooth Particle Hydrodynamics) 
numerical technique and consist of a steel ball impact onto a block of Sintox-FA ceramic and a steel 
cylinder impacting edge on to a SiC ceramic target. Results are compared with experiments, A third 
example is presented to demonstrate the capability to couple the tensile crack softening model with 
the RHT concrete model. This example consists of a metallic kinetic energy penetrator impacting on a 
concrete structure. 

AUTODYN 

The AUTODYN-2D & 30[13] transient non-linear dynamic software are based on explicit finite 
difference, finite volume and finite element techniques that use both grid based and meshfree 
numerical methods. The codes are commercially available and have been under continuous 
development since 1985. The software are based on classical continuum mechanics, which are used 
to describe the dynamics of a continuous media with a set of differential equations established through 
the application of the principles of conservation of mass, momentum and energy from a macroscopic 
point of view. 

There are two fundamental descriptions of the spatial discretisation of a continuous media, which are 
the Lagrange and Euler formulations. The Eulerian description uses a grid which remains spatially 
fixed in time with the mass, momentum and energy flowing across cell boundaries, which avoids mesh 
tangling problems when modelling large material deformations. The Lagrangian description uses a set 
of grid points attached to the material that leads to a numerically efficient solution and rns the 
advantage of precisely tracking material boundaries. 

Based on these two spatial discretisation methods, AUTODYN has eight different numerical solvers. 
The Lagrange, Shell and Beam solvers are Lagrangian solvers where the grid deforms with the 
material it is attached to. Springs and dampers can be defined using special elements in the beam 
solver. The Arbitrary Lagrange Euler (ALE) solver is a grid-based hybrid between a Lagrange and 
Euler type solver. The Smoothed Particle Hydrodynamics (SPH) is a meshfree Lagrangian type 
solver. Finally three types of Euler solver are available: a structured mesh multi~material solver 
including material strength; a high resolution Euler-FCT solver optimised for efficient air blast 
simulations; a general purpose Euler-Godunov second order accurate multi-material solver again 
including materia! strength effects. 

Selected solvers may be coupled in space and time so that the most appropriate solvers for each 
region in the analysis may be combined. Additionally Lagrangian type grids can interact with each 
other using AUTODYN's robust interaction logic. This automatically checks for any contact between 
grids and corrects for any penetration that may have occurred and can be used in conjunction with 
erosion and friction. 

AUTODYN-3D includes capabilities for greatly increasing the efficiency of large 3D calculations by 
parallel processing across multiple solvers [15][16]. The Lagrange, ALE, SheH and Lagrange/Lagrange 
contact algorithms are currently paraUeHsed and work continues on the remaining solvers. Parallel 
processing is available on a range of operating systems including MS Windows NT and 2000, Linux, 
and most Unix workstations. A parallel calculation can use a mixture of shared memory and 
distributed memory systems allowing efficient usage of available processing power. 

A very wide range of materia! models are available in both AUTODYN-2D & 3D. The equations of 
state include the well known Linear, Polynomial, Shock, JWL, SlOW-burn, and Ideal Gas as well as 
Orthotropic, Porous, Tillotson, PUFF and Sesame models. Strength models include Hydrodynamic, 
Elastic, Piecewise hardening, Brittle, Von Mises and Mohr-Coulomb models, the Johnson-Cook, ZeriJli
Armstrong and Steinberg-Guinan models which include the effects of strain and strain rate hardening 
and thermal softening, the AMMH!S model for non-linear shock response of composites, the Johnson
Holmquist model for ceramics and glass and the RHT model for concrete. An extensive range of 
failure models are available, including bulk failure criteria such as hydro-tensile limit, bulk strain, 
directional failure based on prinCipal stress and/or strain and material stress and/or strain, as weI! as 
special models such as cumulative damage and tensile crack softening. 
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The underlying data structures in AUTOOYN are modular in nature thus facilitating easy customisation 
by users and developers alike. For example, the same material modelling routines are called by each 
solver hence once developed, a material model will work for aU solvers (if appropriate). 

BRITTLE MATERIAL MODELLING 

JH2 MODEL 

The brittle material model proposed by Johnson and Holmquist (JH2) [1] consists of a polynomial 
equation of state to represent the thermodynamic or shock compression response of the material 
coupled with rate dependant elasto~plastic constitutive relation with damage to represent the 
octahedral shear resistance of the intact and fractured material. The transition of the material strength 
from the intact to fractured curve is achieved through a scalar damage law in which damage is 
accumulated as a function of the effective deviatoric plastic strain. 

The material model has mainly been applied to ceramic and glass materials. The input data for this 
model is usually derived from basic quasi~static measurements of elastic moduli and density followed 
by the calibration of numerical simulations to well characterised uniaxial and triaxial dynamic impact 
experiments. 

RHT MODEL 

The brittle material model presented by Riedel, Hiermaier and Thoma [2] has similar basic rate 
dependent elasto-plastic constitutive relations with damage as the JH2 model. The RHT model also 
includes additional features to enable the capture of additional phenomena observed in brittle 
materials. This includes strain hardening as well as pressure hardening, third invariant dependence of 
the failure surface, different strain rate effects in tension and compression, coupling with p-alpha type 
compaction equations of state. A typical set of failure surfaces for the RHT model are shown in Figure 
1. 

Pressure 

Residual 
Surface 

Figure 1. Typical Failure surface for the RHT concrete mode! 

TENSILE FAILURE MODE LUNG 

Both the JH2 and RHT constitutive models have a damage law that is formulated in such a way that 
material damage can only result from inelastic devlatoric straining of the material. This is most 
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representative of the material behaviour in the high pressure region which exists ahead of a projectile 
during the penetration process. 

In other regions of the target the pressures are lower and principal tensile material stresses can be of 
the same order as the deviatoric stresses. Under these conditions, it is postulated that the maximum 
principal tensile stresses can lead to crack extension and damage growth. Principal stress includes 
volumetric as well as deviatoric stress components. A damage model that represents materia! fracture 
and damage due to both these components is therefore sought. Figure 2 highlights the possible 
mechanism for damage progression in a brittle material; severely damaged (comminuted material) 
caused by shearing ahead of the projectile localizes into discrete cracks which then propagate due to 
tensile stresses in the materiaL 

Shear Induced Damage/Comminution 

'~ ---,---
~ Tensile/Cracking 

Figure 2 Failure Modes 

TENSILE "CRACK SOFTE NING" DAMAGE MODEL 

Tensile crack softening models, in various forms, have been used for many years in the structural 
finite element community for modelling failure in brittle materials, such as concrete [7]. Here we have 
chosen to implement a Rankine plasticity model for brittle cracking based on the work by Feenstra and 
de Borst [6], 

Tensile failure is initiated via maximum p-incipal stress criteria defined through a Rankine failure 
surface. This failure surface is superimposed onto the traditional constitutive strength model, for 
example the JH2 model, Figure 3a. A distinctive feature of the Rankine failure surface is its triangular 
form in :rr-space, Fig. 3b . 
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Figure 3 Rankine and JH2 failure surfaces in a) meridiana! plane b) n-space 

The Rankine failure surface provides a limit for the maximum principal tensile stress in the material. 
When the trial elastic stress state violates the Rankine failure criteria, the stress is returned to the 
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failure surface using an associative backward-Euler method, similar to that described by Crisfield [8]. 
An option to force the return to take place at constant pressure, thus avoiding bulking, has also been 
implemented, Figure 3. 

The return to the Rankine failure surface reduces the tria! elastic stresses. The associated loss in 
strain energy results in an increase in the effective tensile crack strain, L\ Ccr. The rate of crack growth, 
hence damage, is controlled by the material critical strain energy release rate, Gel the initial failure 
stress, Tflk7XJ and the local characteristic dimension, Lo, of the numerical cell representing the volume of 
fractured material. The resulting damage equation (1) is formulated such that the work required to 
extend a crack by a unit length is relatively insensitive to the local element size. 

It is assumed that damage contributions from deviatoric straining (JH2 or RHT model) and tensHe 
cracking (crack softening model) are additive. 

EXAMPLES 

The tensile crack softening model described above has been applied to a wide range of impact 
problems at velocities ranging from 10m/s to 15km/s. Here we present three examples in the ballistic 
velocity regime. 

STEEL BALL IMPACT ONTO CERAMIC 

Simulations of the impact of steel spheres on Sintox-FA (95% pure) alumina have been carried out 
and compared with l?xperimenta! data presented by Hazell [3J. The results for a 6.3Smm diameter 
sphere impacting a 25mm thick Sintox-FA alumina target at 1449m/s are discussed. The meshfree 
SPH (Smooth Particle Hydrodynamics) solution technique of AUTODYN [13] was used. Uniform 
particles of smoothing length O.12Smm were used to discretise the domain. The target geometry and 
response were assumed axisymmetric. 

The 25mm Sintox-FA material was represented using the JH2 model with input data derived from [3] 
and ~J. The tensile crack softening model was used with failure initiation based on a maximum 
principal tensile stress of O.1GPa. A fracture energy release rate of 68.7J/m2 was assumed [3]. In the 
calculation shown, the "No Bulking" option was used for the plastic return algorithm. The steel 
projectile and target outer support frame were modelled using a shock equation state and Johnson
Cook strength model [5]. 

The simulated material failure O.02ms after impact is shown in Figure 4a. On impact, the large contact 
stresses lead to rapid fragmentation of the materia! immediately ahead of the projectile. Central to the 
impact site the fragmentation is mainly due to deviatoric stresses. Moving radially outward from this 
region, the failure initiation mechanism quickly changes to prinCipal tensile stress. Distinct cone cracks 
initiated by maximum prinCipal stresses at the edge of the central impact site propagate through the 
ceramic. Lateral cracks are also predicted to grow from this central region and eventually break the 
surface of the ceramic. Finally, at late times, spall like cracks develop towards the back surface of the 
target 

These simulated modes of fracture compare encouragingly well with the experimental observations 
made by Hazell [3]. The results of an experimental firing on the simulated configuration are 
reproduced here in Figure 4b for comparison. The simulated depth of penetration, 6.Smm, compares 
well with the experimentally measured value, 6.1 mm. 
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a) AUTODYN simulation results at O.02ms 

F 

b) • Results from an Experimental firing, Hazell [IErrorl No se encuentra el origen de la referencia.] 

Figure 4 25mm Sintox-FA after impact at 1449m/s by a B.35mm steel ball 

CERAMIC EDGE ON IMPACTS 

Simulations of the edge on impact (EOI) experiments onto SiC targets reported by Strassburger[10] 
have been carried out. The experiments consisted of a cylindrical steel projectile (r :::: 15mm. L :::: 
23mm) impacting a SiC target of size (10mmx100mmx100mm). The simulations were carried out in 
AUTODYN-3D assuming quarter symmetry about the axis of impact. The Lagrange solver was used to 
represent the steel projectile while the SiC target was represented using a uniform lattice of SPH 
particles with diameter O.Smm. Interaction between 'the Lagrange and SPH regions was achieved 
using the standard contact logic. The material input parameters for SiC were derived from the data 
given by Holmquist[14]. 

Results for an impact velocity of 185m/s, at 4.6~ls after impact, are shown in Figure 5. Comparison 
between the simulated crack pattern and that of the experiment [10] are again very encouraging. 
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a) Results from Experimental firing, Strassburger[17], b) AUTODYN-3D Simulation 

Figure 5 Steel projectile impacting SiC at 18Sm/s 

KEP PENETRATOR ONTO REINFORCED CONCRETE 

Simulations of KEP impacts onto concrete using the Lagrange, SPH and Euler processors of 
AUTODYN~2D have previously been compared against experiment [11], [12]. Here the case of a 20kg 
KEP penetrator impacting a concrete target normally at 520m/s is used. The penetrator has a calibre 
of 90mm, an overall length of 388mm, and an ogive nose with calibre head radius (CHR) of 2.5. The 
plain concrete target was 1 m thick with diameter 3m. The deceleration of the penetrator during the tria! 
firing was recorded via onboard accelerometers. Simulations of these experiments have now been 
repeated in AUTODYN-20" using the latest constitutive models; RHT concrete l21 with tensile crack 
softening. 

The Lagrange processor was used to represent the KEP penetrator. The penetrator was observed to 
undergo little or no deformation during the trial frings. A linear equation of state and elastic strength 
model was used to represent the penetrator material. 

The concrete experiences large deformation local to the penetrator and cracking occurs over large 
regions of the target. The SPH solver is used in the target region that experiences large deformations. 
Further, a size (smoothing length) of 10mm was used for the SPH particles in all simulations. Regions 
that are not expected to experience large distortions were modelled using the Lagrange solver. 
Uniform square cells of side 10mm were used in all cases to a radius of 750mm. The cel! radial size 
was then gradually increased to the radial extent of the target (1500mm). The meshfree and element 
based regions of the mode! are coupled using the technique described in [12]. 

The constitutive relations used to describe the concrete material contain three components: Firstly, the 
volumetric compaction of the material under high pressure was modelled using a "p~alpha" equation of 
state. Secondly the RHT concrete model was used to represent the material deviatoric behaviour in 
compression. Finally, the tensile crack softening model is used to represent the tensile material 
fracture and failure. The material data input was taken from that derived in [2J. 

Comparisons of the simulated penetrator deceleration and trial are given in Figure 6 along with the 
experimental result [11]. The simulation results show good correlation with the tria! readings up to 
approximately O.5m penetration. After this time, the predicted deceleration follows a similar path to 
that of the trial but at a slightly lower level. Note that the spike in the trial deceleration trace at 
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approximately O.3m penetration is thought to be due to the instrumentation rather than physical 
phenomena. 
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Figure 6 KEP Impact onto Concrete at 520mis, Deceleration of projectile 

The simulated concrete damage is shown in Figure 7. The dark regions indicate material in which 
tensile damage (cracking) covers more than 95% of the volume of the integration point. 

The simulated back face spall diameters are in close agreement with the measured trial values of 
2200mm::,::200 [11J. The front face spall diameters are slightly over predicted compared with the 
measured trial values of 1500mm ::,::150 [11]. 

Front F ace Spall 
(1450mm) 

Spall 

Figure 7 KEP Impact onto Concrete at 520m/s, Concrete Damage 
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CONCLUSION 

The implementation and application of a tensile crack softening model in AUTODYN has been 
described. This model allows a continuum representation of fracture and crack growth in brittle 
materials due to principal tensile stresses. The model can be combined with any elastic-plastic 
constitutive relations for brittle materials in which damage is assumed to result from only deviatoric 
stresses. The damage law associated with the tensile crack softening model requires a single material 
input parameter, the critical strain energy release rate. Application of the tensile crack softening model 
to several ballistic impact problems on ceramic and concrete materials has been described. 

For the two presented ceramic impact cases, the mode! is combined with the JH2 mode! for brittle 
glass/ceramic materials. The simulated extent of comminution, orientation and distribution of cone 
cracks, latera! cracking and spall regions compare encouragingly weI! with the experimental 
observations. 

For the concrete impact case, the model is combined with the RHT model which was designed for 
concrete, and brittle materials in general. The simulation results again show good correlation with 
experiments in terms of penetrator deceleration and material fracture. 

The tensile crack softening model described above is now available in the general release versions of 
AUTODYN-2D and 3D and continues to be applied to a wide range of applications both internally at 
Century Dynamics and externally by users of AUTODYN. 
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ABSTRACT 

Taylor testing has been recently used to compare dynamic compression failure properties of ductile 

materials initiating through shear banding. Comparison of failure data generated with different 
specimen sizes has been examined through an experimental-numerical investigaflon. Symmetric 

Taylor testing of a tungsten alloy was conducted with specimen 6 and 9 mm in diameter and 24 and 

36 mm in length. Simulations were conducted with the finite element hydrocode AUTODYN 20. A 
Johnson-Cook law calibrated with compression tests conducted at strain rates ranging from 1 to 5000 
S-1 and at temperatures ranging from 23 to 320 "C was used. Results indicate a decrease of the 

impact speed characterizing the onset of failure either with the increase of the specimen diameter or 
with the decrease of the ~ecimen length. Within the size range investigated, the increase of the 

specimen length implies an increase of the final diameter on initial diameter ratio associated to an 

increase of the effective plastic strain. The increase of the specimen diameter results in an increase 
of the maximum shear stress along the radial and tangential directions. 

INTRODUCTION 

Over the past fifty years, the Taylor test has been used as a mean to evaluate dynamic mechanical 
properties [1,2}. It has been primarily used to estimate the dynamic strength of metallic materials. 
Because the Taylor test involved stress and strain rate singularities, the Hopkinson pressure bars test 

generating dynamic stress-strain responses under a constant strain rate is currently employed to 
provide precise dynamic strength data. However, the strain rate limitations of the Hopkinson test of 
the order of 5 x 103 s-1 motivate Taylor testing for which local strain rates up to 7.5 x 104 s-1 can be 

achieved. Today Taylor tests are conducted to validate mnstitutive models of ductile materials 
calibrated with Hopkinson tests for strain rates ranging from 102 to 104 s-1. The validation is carried 

out by comparing experimental and numerical deformed profiles of the Taylor specimen. Another 

application is the evaluation of dynamic compression failure properties of ductile metals. By varying 
the impact speed from 200 to 350 mfs, Taylor testing is shown to be a mean of monitoring dynamic 
compression failure of ductile tungsten alloys occuring through shear banding [3]. 

While the specimen size effect on the estimate of the dynamic strength was found to be dependant 
on the material strain rate sensitivity [2,4], nothing is available on the two main Taylor specimen 

sizes, the length and the diameter, on the dynamic failure properties. The aim of this paper is to 
investigate the effect of the two main Taylor sizes on the failure properties of a ductile tungsten alloy. 
First, symmetric Taylor testing was conducted with specimen 6 and 9 mm diameters and 24 and 36 

mm lengths. Second, a numerical investigation was conducted to establish the loading conditions 
associated with the failure initiation sites. 
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EXPERIMENTAL PROCEDURE 

Taylor testing has been intensively used in the original configuration consisting of one cylindrical 

specimen impacting an anvil made of hard steel as to reproduce a rigid waH and usually referred as 

the single Taylor test [1]. To simulate the single Taylor test it is requires to guess the friction 
coefficient between the specimen and anvil as well as to assume that the anvil is a rigid wall. With the 

symmetric loading procedure introduced by Erlich and al. [5], such hypotheses are no longer needed. 

When compared to single Taylor testing, symmetric Taylor testing involves one cylindrical specimen 
sent with a gas gun against another cylidrincal specimen of identical shape and material sitting at the 

gun muzzle, Both specimens deformed without friction and the impact loading interface can be 

assimilated as a perfectly rigid wall. For the symmetric Taylor test, it is equivalent either to send two 
specimens against each other at a given speed V or, as in Erlich's configuration, to send one 

specimen at a speed 2V against a second specimen at rest. To allow direct comparaisons between 

the two Taylor testing configutations, an equivalent impact speed, Veq , is introduced corresponding to 
the impact speed for the single Taylor test and half the impact speed of the launched specimen for 

the symmetric Taylor test 

One inconvenient of Erlich's approach is the use of ceramic pins to locate the specimen sitting at the 
gun muzzle making difficult coaxial and planar impact of the two specimens. To facilitate planar and 

coaxial impacts, testing procedures involving Teflon sabots were developped [6]. These procedures 
address materials of strength ranging from 400 to 2000 MPa where Teflon sabots deforms along with 

the Taylor specimens. 

Taylor data were generated by conducting symmetric Taylor testing using two specimens made of a 

tungsten alloy with 90% tungsten content in mass launched with a Teflon sabot fofowing the 

procedure for high strength materials described in Ref, [6], see Figure 1. The Taylor experiments 
were conducted with specimens of lengths 36 mm and 24 mm and diameters 6 and 9 mm, The 

loading system-F0nsist of a 25 mm caliber gas gun launching, at impact velocities, Vi, ranging from 

200 to 350 m s , one Taylor specimen guided with a Teflon sabot against a second Taylor specimen 
located at the gun muzzle and positioned with another Teflon sabot, see Figure 1. The use of these 

Teflon sabots during the launch and during the loading phase of the Taylor specimens provides 

specimen guidance without interfering with the loading phase. A 18 mm two-laser beam device 
positioned 30 mm prior impact was used to measure the impact velocity Vi. X-rays observations were 

generated prior impact to identify the impact time and during the loading phase to provide 

intermediate specimen profiles. 

Failure in tungsten alloys occured along the maximum shear stress direction located at 45° from the 
principal stress direction which are the axial, radial and tangential directions of the Taylor specimen, 
Figure 2. For most of the tungsten alloys, the associated shear crack is preceeded by an adiabatic 

shear band, see Figure 2b. To quantify the amount of shear fracture, shear crack lengths, a, were 

measured, Figure 2a. An average shear crack length, ~, equal to the sum of the shear crack lengths 
divided by the number of shear cracks was deduced. 

NUMERICAL PROCEDURE 

Numerical simulations were conducted with the Lagrange processor of the finite-difference finite 

element hydrocode AUTODYN-2D [7]. Taylor simulations were conducted with a numerical model 
simulating the Taylor specimens, the Teflon sabots and the steel gun, see Figure 3, The mesh of the 
Taylor specimens was optimized by conducting simulations with different number of radial cells. 
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Convergence was obtained for a number of cells exceeding 32. As shown in Figure 4, the use of 41 
cells indicate that the radius is about 5 !-1m less than the radius that one might obtained with an infinite 

number of cells. Such difference corresponds to a final diameter over initial diameter ratio, QlDo, 

underestimated by 0.1%. Consequently, both 6 and 9 mmm diameter specimens were composed of 
41 cells in the plastically loaded region giving cells 73 tJm and 110 IJm in size for the 6 and 9 mm 

diameter specimens, respectively, see Figure 3c. The elastically loaded region was composed of 

coarser cells 220 IJm in size. 

High strain rate and temperature was taken into account using Johnson and Cook constitutive models 

[8]. The models express the equivalent stress as: 

()" ~ (A + B Er" ) ( 1 + C In (E")) (1- (T - 300) I (Tm - 300)m) 

with Ep' E
a

, and T the equivalent plastic strain, the strain rate, and the temperature, respectively. The 

melting temperature, Tm, was chosen to be the melting temperature of the gamma phase, L e. 1758 

oK instead of the alpha phase, i. e. 3683 oK. To calculate the temperature rise due to plastic 
deformation a Quinney coefficient of 0.9 was used along with a specific heat coefficient, ~e, of 165 
J/kgrK. The mode! was calibrated to reproduce intermediate to high strain rates: 1, 2000 and 5000 s-

1 at 20°C and 2000 S-1 at 320°C. The five constants A, S, n, C and m were chosen to be 1350 MPa, 
400 MPa, OA, 0.025, 1.27 as to reproduce by less than 5% the high strain rate and high temperature 

data as shown in Figure 5. 

EXPERIMENTAL RESULTS 

The influence of specimen size on shear crack formation of the tungsten alloy is shown in Figure 6 for 

the Taylor specimens of diameter 9 mm and length 36 mm (configuration 9x36) and for the Taylor 
specimens of diameter 6 mm and length 24 mm (configuration 6x24) and 36 mm (configuration 6x36). 

The data generated with the impacted specimen are identified as "impacted" and with the specimen 

sent with the gas gun as "projectile". The average shear cracks for the two specimens tested are also 
indicated. The decrease of the initial diameter or initial length implied an increase of the impact 

velocity. From these data, one can deduced a threshold impact speed, Vco , at which shear cracks 

initiate which is about 222 m/s for the 6 x 24 configuration, 209 mls for the 6 x 36 configuration and 
202 mls for the 9 x 36 configuration. 

The decrease of the threshold impact speed, Veo, with the increase of the Taylor diameter was first 
analyzed through the variation of the final diameter over the initial diameter ratio, Or/Do and the final 
length over the initial length ratio, Lf/Lc,. 

No significant differences were observed with regard to the fina! !ength over initial length ratio, Lr/Lc" 
between the three configurations. In an another hand, a significant increase of the ratio, QlDo, is 
observed with the increase of the specimen length as shown in Figure 7. For an impact velocity of 
243 mis, the ratio Q/Do increase of 3% with the increase of the specimen length from 24 mm to 36 

mm. 

These differences appear to be associated with the loading duration increasing with the length 

implying a significant increase d the effective plastic strength of the specimen. Since shear band 

initiation occurs at a given effective plastic strain, different threshold impact speeds are reached with 
the 6 x 24 and 6 x 36 configurations. However, no explanation is provided for the dfferences 

observed with the diameter change. 
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NUMERICAL RESULTS 

To provide insights of the effect of specimen sizes, a numerical investigation was undertaken with 

specimen sizes ranging from 6 to 18 mm in diameter and 24 to 36 mm in length. A large diameter 
configuration, 18 mm, for which no experimental data are available was considered to confirm the 

eventual dependence of the physical variables on the diameter. 

The simulations were conducted at an impacted speed of 243 mJs for which final length and diameter 
are available. Table 1 reports a good agreement of the experimental and numerical ratios Q/Oo. In 

despite of the facts that no damage criteria as well no as no detailed strain rate dependence in the 

103 104 S -1 regime was used. The numerical mode! confirms the increase of the ratio QlDo with the 
Taylor length. The experimental and numerical ratios lt/Lo are about constant. The overestimated 
numerical value of Lr/Lo comes from the non detailed strain rate dependence in the 103 104 

S -1 regime 

of the constitutive model based on numerical studies comparing experimental and numerical profiles 
conducted with single and symmetric Taylor tests [9]. 

Table 1. Experimental and numerical ratios DflDo and Lf/Lo for an impact speed of 243 m/s. 

DflDo LflL, 

Configuration Experimental Numerical Experimental Numerical 

6x 24 1.250 1.240 0.945 0.913 

6 x 36 1.275 1.260 0.945 0.907 

9 x 36 1.275 1.270 0.945 0.907 

The increase of the ratio Q/Do increase of 3% with the increase of the specimen length from 24 mm 
to 36 mm is confirmed to be associated with the loading duration as shown in Figure 8. The 6 x 24 

configuration is deformed plastically up to 22 .us while the 6 x 36 and 9 x 36 are deformed plastically 
up to 30 and 34 Ils, respectively. Up to 9 mm in diameter the strain rate histories are similar implying 

an effective plastic strain increasing with the loading duration i.e. the specimen length. 

The plastic strain rate, axial stress, and pressure histories at shear band initiation sites located on the 
outside of the impacted diameter were not found to be significantly different. Differences were 

observed for the tangentials and radials stresses as revealed in the Figures 9 and 10. The tangential 

stresses increase of 200 MPa with the diameter increasing from 6 to 9 mm and of 500 MPa with the 
diameter increasing from 6 to 18 mm. The radial stress was found to decrease with the specimen 

diameter as expected due to inertia but to a less significant amount, i. e. 30 MPa. These variations 

imply a significant variation of the maximum shear stress along the tangential and radial directions 
with the increase of the diameter from 6 to 9 mm as shown in Table 2. 

Table 1. Calculated maximum stresses in MPa at shear band initiation sites. 

Configuration GXY GXT GYT 

6 x 36 500 900 260 

9 x36 450 850 390 
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CONCLUSION 

Symmetric Taylor testing was conducted with specimen 6 and 9 mm in diameter and 24 and 36 mm 

in length to investigate dynamic compression failure properties of a tungsten alloy. Simulations IA€fe 

conducted with the finite element hydrocode AUTODYN 20 with a Johnson-Cook law calibrated with 
compression tests conducted at strain rates ranging from 1 to 5000 5-

1 and at temperatures ranging 

from 23 to 320°C. 

The impact speed characterizing the onset of failure initiated through shear banding decreases either 
with the increase of the specimen diameter or with the decrease of the specimen length. The increase 

of the specimen length implies an increase of the final diameter on initial diameter ratio associated to 

an increase of the effective plastic strain. The increase of the specimen diameter results in an 
increase of the maximum shear stress along the radial and tangential directions. Because critical 

effective plastic strain and critical shear stresses varied with the Taylor specimen sizes, it is 

necessary to compare failure data involving shear banding generated with different specimens sizes 
through numerical simulations of the Taylor tests. 
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TEFLON SABOT LASER BEAMS TAYLOR SPECIMENS 

Fig. 1 Symmetric Taylor test schematic for the 9 x 36 specimens. 

a) b) 

Fig. 2 Shear cracks observed on a swaged tungsten alloy Taylor specimen: 
a) shear crack length a, b) shear crack path going through an adiabatic shear band. 
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Fig. 3 Numerical schemes for the Taylor test : 
a) 6 x 24 configuration b) 6 x 36 configuration c) refined zone at the impact location. 
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Fig. 5 Experimental and constitutive model stress-strain responses of the tungsten alloy. 
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Fig, 7 Impact velocity as a function of the diameter ratio Dr/Do 
for the 6 x 24, 6 x 36 and 9 x 36 configurations. 
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Fig. 8 Effective plastic strain at shear band initiation sites 
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for the 6 x 24, 6 x 36, 9 x 36 and 18 x 36 configurations. The impact velocity is 243 m/s. 
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Fig. 9 Tangential stress (x 10;' MPa) at shear band initiation sites for the 6 x 24, 6 x 36, 9 x 36 

and 18 x 36 configurations. The impact velocity is 243 m/s. 
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and 18 x 36 configurations. The impact velocity is 243 m/s. 
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This paper cleals vvith a 11C\\T triangular finite element to analyse the behaviour of mul
tilayered shells. Tilis element is based on a refined kinematical model and uses both 
conforming finite element method and higher order approximations. Including a non
linear distribution with respect to the normal co-ordinate for transverse shear stresses 
and continuity H-!quiremcllts between layers for both transverse shear stresses and dis
placements) this model does not require any shear correction factors and allows to satisfy 
the boundary conditions at the top and bottom surfaces of the shelL Results in lincar 
static) free vihrations and transient dynamic response for multilayered shells structm-es 
show the efficiency of this new slwll finite element. 

1 Introduction 

IVlultilayered beam, plate and shell models are needed in structural mechanics for ana
lyzing, dimensionning and designing this kind of structures. In the field of multilayered 
shells where transverse shea.r stress effects arc of great importance, many high order shell 
theories exist, sec for example [lJ [2J [3J [4J [5J, but a. very few nmnerical tools have been 
developped. 
In the recent litterature) a layer-wise technique has been used to develop a triangle finite 
clement based on condensation technique at the pre-processing level in order to reduce 
the computational cost [6J. A thrcL~dimensional shell clement is presentee! by Klinkel [7J. 
These numerical tools arc not pnre structural models and suffer of the classical shear and 
membrane locking problems, 
The aim of this work is to present a new finite element, simple to usc, freE) from classical 
numerical problems and very efficient for computing both displacements and stresses for 
multilayered shell applicatioIh'i. This new C1 shell finite element is based on t.he refined 
kinematic model given in [8J which incorporates: 

a eosine distribution for the transverse shear strains avoiding the usc of slwar cor
rection factors; 

-- the continuity conditions between layers of the laminate for both clisplaeements and 
transverse shear stresses ; 

the satisfaction of tlw boundary conditions at the top and bottom 8m'faces of the 
shell ; 
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the llse of only five independent generalized di~plac()ments (three translations a.nd 
t\vo rotations), 

A new finite element has been developped using both a conforming finite element method 
and high-order finite clement approximations ( ArgyriR interpolation for the transverse 
displa,cement and Ganev interpolation for membranes and transvcrsn shear rotationH ). 
Some unavoidable geometric shell considerations are firstly preHented to introduce neces
sa.ry tools for shell clE~scription. In the sccond pa.rt of this paper, the shell model based 
on a kinematic approach is devclopped. The next pa.rt i~ dedicated to the finite element 
approximations and the present. triangular finite clement. Finally, sonw linear static te~t~ 
for nmltilayered plates and shells are descrihed, Lincar free vibration and tra.u~ient dy
namic rt)sponse tests axe also evaluated in oreler to shmv the efficiency of this ne\:\,' finite 
element. It must be noticed t.hat this efficiency i~ demonstrated for both convergence 
velocity and accuracy for displacements and stresses. 

2 Geometric considerations 

The shell C \vith a middle surface S and a constant t.hicknE~~s e is dcfined by : 

\\There the midcll(.; sm-face is described by a map ~ from a bidimcnsional domain n as : 

$ : n c n' 
(= (e:e) 

At any point. of the shell middle surface, the covariant basis vectors are usually obtained 

as : 

r 
/' i, 

Figm'e 1: geometric trHlwfonnation 

aj X a2 a3 = ~'----~ 110, x 0,11 (1) 

From these local cova.da.nt basis vectors 1 coefficients of the first and second fundamental 
forms are ckduced1 and \ve have: 

an /) = an,atJ 
b(l'(3 = ····iln '?(>,,{3 = a;>"a{3,n 

(2) 
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In Eq. (1) and further on, latin indices i,j, . .. take their values in the set {I, 2, 3}, while 
greek indices Q~, (3, ... take their values in the set {I, 2}. The summation convention on 

repeated indices and the classic notation ( ) ,n = ~~} are used. 

For any point of the shell, covariant base vectors are now expressed as follow: 

(3) 

where curvature tensor is defined by b~. 
The mixed tensor 'rn~ must also be introduced. It is defined by the relation: 

m~ = (i"-1)~ = ~{J~+e(~ -2Hom (4) 

where I' = det(I'~) = 1 - 2He + te)']{ ; H = ~tr(b~) ; [( = det(b~). 
Finally, the contravariant vectors are constructed from the covariant vedors using the 
follmving equations : 

(5) 

All these relations are classic and it is not necessary to give more details in order to obtahl 
the Christoffel symbols and other difFerential geometric entities, sec Bernadou [9]. 

3 The shell model 

In order to define different shell models developped in this work, the displacement field 
is firstly introduced, Next,the methodology permitting to ensure continuity conditions 
and satisfaction of the boundary conditions at the top and bottom surfaces of the shell is 
presented. Finally, several strain models are presented according to usual assumptions. 

3.1 The displacement field 

From Beakou and Touratier [lOJ, the displacement field of a shell point, for each elastic 
layer denoted (k), is defined with respect to the contravariant base vectors (ii by : 

,1(6,6, e = z, t)(k) = ",(6,6, e = z, t)(k) a! where 

{ 
""(~J, 6, e = z, t)(k) = I'~ 71#(6,6, t) - Z 7I3,a(~', 6, t) + F!!(z)(k) "(/(6,6, t) 
1I.3(~" 6, e = z, t)(k) = 1)3(6,6, t) 

(6) 
In this expression, {'g = eCt + b~vf3 + V3,(t are the two transverse RheaI' strain components 
at the middle surface of the shell C;: = 0) and we denote Va the in-surface displacements, 
Va. the transverse displacement and ea the two rotations of the transverse Rliell fiber. 
The functions F!!(k) of the transverse co-ordinate z) based on trigonometric functions, are 
determined from the boundary conditions on the top and bottOlll surfaces of the shell, and 
from the continuity requirements at each layer interfaces for displacements and stresses. 
Eq. (6) for the displacement field is based on shallow shell theory and is extended 

hereafter to deep shells. Strains and stresses an~ claRsically denoted by Ei/k ) and O'i/k ) 

for the kth layer. Furthermore, the transverse normal strain E3a is negligible according to 
the moderately thick shell hypothesis, The material behaviour is admitted linearly elastic 
and the shell lamination may be nonsymmetric and having angle ply layers, 

91 



Franl Beakou and TOUl'atier [101, expressions for functions F;:(k\Z) are given by : 

where; 

Ff(k)(Z) = It(z) + 91 (") (z) Fl(k)(z) = 92(k)(Z) 
Fi(k)(Z) = 93((k))(z) Fg(k)(Z) = Jz(z) + 9,,(k)(Z) 

fI(z) = ](z) - 'j;b55 f'(Z) 
/2(z) = ](z) - 'j;b,j4f'(Z) 
9,(k)(z) = a,(k)z + d/k) i = 1,2,3,4. and k = 1,2,3, ... , N. 

(7) 

(8) 

with J(z) = ~ sin 7rZ and N represents the number of layers. The present Sinus model, 
1f C 

called (SIN-C), allows analyzing effects of interlayer requirements. 
Classic shell models can be derived from this formulation: 

• the present Sinus model without interlayer continuity (SIN) It(z) = ]2(Z) 
.f(z) , 9,(k)(Z) = 0 

• the Reissner-lvIincllin .. Naghcli model (RlvI-N) : .fJ(z) = .f,(z) = z ,9,(k)(z) = 0 

• the Kirchoff-Love Koiter model (KL-K) : .fJ(z) = h(z) = 0 ,9/")(Z) = 0 

Hereafter, t.he superscript (k) for 'Ua(k) components is omitted in order to lighten notations. 

3.2 The strain tensor 

General expressions of the strain tensor are established from the displacement field of the 
shell model. The st.rain tensor is expressed with respect to the contravariant basis vectors 
and after some algebraic manipulations, the strain components are deduced as : 

E = Eij(a.
i ® aj

) with 

! (E?t!3 + E~a + F~(z) f~!3 +- Pfi(z) f~a + G~(z) f~f3 + G~(z) E~n 
f.' 
+z {(b~ - 2H5~) (E~A + F/;(z) E;'A + G~(z) E~A) + 

(b;' - 2H5::) (EgA + F%(z) f~A + G~(z) E~A)}) 

2E03 ~ (F/;' (zh~ +b~ (Ft(z) - zFt' (z) hi] 
+z(b~ - 2H5~) {Ft'(zh3 -I- b~ (F';(z) - zF,i'(z)) 'Y~}) 

with G~(z) = F:;(z) - 5~ z 

Fllrthennore, H = ~(bl + bD and F,!!' denot.es z-derivative of Ft. 

(9) 

By convenience, the following notations have been introduced in Eq. (9) to caracterize 
the mechanical effects : 

membrane strain: E~'f3 = val!3 - bet/3v3 

bending strain 1: E~# = f3al~ 

bending strain 2: f~f3 = h~,v),l{3 + b~lf3v), + v3lnf3 

transverse shear strain: r~ = fJo: + b~vf3 +. V3,(\" 
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where thc-) notation vn l!3 stands for the covariant derivation with respect to the e3 cl1rvi~ 
linear co-ordinate. 
At this stage) no hypotll(-.;sis is carried out on the strain cOIuponents : the coefficient 1/ p. 
which depends on the transverse co-ordinate z and curvature tensor components and all 
terms coming from the displacement field are preserved in the transverse shear strain 
expressions. This model is called the complete model. (SIN-C) model can be deduced 
from the cOlnplete model setting the transverse shear strains components to ensnre 
continuity requirements. 

!(~+~+~~)~+~(~~+~(z)~+~(~~ 
I' 
+z {(b~ - 2HJM (f~> + F:;(Z)f~A + G~(Z)f~,) + 
(b~ - 2HJ~) (,3" + F5(z)f~" + G;;(Z)f~A)}) 
~ (F,~' (zh,~) 

(10) 

4 The triangular six node finite element 

The discrete formulation of the boundary value problem for the shells is deduced from 
the standard functional : 

(11) 

In Eq. (11), ul1, is the triangulation of the nmltilayered structure and UC, is its edges. 
In additioll) ith is the finite element approximation of the displacement field ·il given 
by Eq. (6) and fZ*h is the finite element ap};roximation of the corresponding virtual 
velocity field 11*. Linear ftmctions f and P rcprescnt the body (including inertia terms) 
and surface loads) actually surface and line loads respectively due to the integration 
performed throughout the thickness of the shell. The superscript h introduced in Eq, 
(11) which indicates the finite element approximation) is also used for the finite element 
approximation of the generalized displacements v/~ and Bah shown in Eq. (6). 

4.1 The finite element approximations 

The geometry is approximated using the classic linE-~ar three nodes triangle. 

In a conforming finite element approach) the displacernellt field) given by Eq. (6) requires 
that v:l' has to be approximated by a C1-continuous function) while the other generalized 
displacements vn

h and Bah require a CO-continuous. 
Therefore, we choose the Argyris [111 interpolation for the dcflcxion and the Ga.nev [121 
interpolation) for the other gencralized displacements. Note that the Argyris interpolation 
is exactly of continuity C1 and the Ganev interpolation involves a semi-Cl continuity which 
is not needed here. 

The degrees of freedom associated Vorith this kind of finite element in the local curvilinear 
base are: 

• at a corner node : 
V, Vl,l Vl,2 V, V2,1 V2,2 

V3 V3,1 V3,2 V3,1l v3,22 V3,12 (12) 
0, B1 ,1 0),2 82 82,1 O2 ,2 
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• at a mid-side node: 
V, Vl,n V2 V2,n 

V3,n (13) 
8, (h,n 82 f)2,n 

where P,n is the derivative with respect to the normal direction of tlw edge of the clement. 

4.2 The elementary matrices 

4.2.1 Elementary stiffness matrix 

The elementary stiffness matrix [I<el is obtained by computing the bilinear form given 
in Eq. (11) at the elementary level as : 

(14) 

Using the displacement field iJ in Eq. (6) and the strain components in Eq. (9), the 
ma.trix [Be] can easily be deduced. The vector [Eeh] (identically for [E;h] adding the 
asterisk superscript), which may be seen as a generalized strain vector) is given by : 

[Eh]T = [vh vh vh : vh vh v h : ell ,1 1,2 . 2 2,1 2,2 . 

V3
h 

V3
k

,1 'V;/,2 V3
h

,U V3
h

,12 V3
h

,22 : (15) 

e/' elk,l 01h,2 : 02h fhh,l fh h,2] 

The finite element approximations, defined at the above Section 4.1, are directly used to 
express the matrix [Eeh

] as a function of the degrees offreedol11 vector [Qcl at the element 
level (see Eq. (14) and Eq. (15)). 
Finally, [Ae] contains the linearly elastic material behaviour matrix for a multilayered shell 
which results of the integration with respect to the thickness co-ordinate. This matrix 
incorporates also t.he classic geometrical characteristics of shells. 

4.2.2 Elementary mass rnatrix 

The consistent elementary mass matrb:: [ille ] is immediately computed, 
method that for the stiffness one, and we have: 

using the same 

(16) 

In this equation, n = iJ'( )liJt2 and Pe is the mass density of the element [leo 

Finally, the load vector is similarly deduced and there is no need to develop its expression. 
All the IIlass and stiffness matrices, as well as the load vector, are integrated using 16 
points. 
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5 Numerical evaluations 

This new finite elf~ment has already been evaluated 011 cla.ssical shell tests for homogencOlUl 
structnres [13] have. mld very good reslllts have been obtained. 
This section is dedicated to llulllerical evaluatiol1R of thiH new finite element on llmltilay
creel stnlcturCR. 
The aim of the llUluerica.l tests is to characterize accuracy and convergence properties for 
both diHpla,cements and stresses in a multilayered case. 
As indicatecl before (see Section ??), the Sinus model permits recovering other classical 
models specifying values for .t~,(z) and CfJJz)(k)) [or 'i = 1,4. Numerical developments 
associated to the present six node triangular fillite element, denoted GAG (for Ganev
Argyris-Gancv finite clmncllt approximations), give the opportunity to compare various 
modelH. 

5.1 Static linear test on a cylindrical shell panel 

- ----
Ria ale models V3 0-11 0-:,12 0-12 0"[3 0-23 _. ---_ ..... _ .. _ ......... _-_ .. 

1 5 Elas. 2.716 -1.293 2.411 0.'1371 0.4447 0.3442 
SIN-C 2.551 -1.250 2.239 OA151 0.'1352 0.3020 

SIN 2.193 -1.016 1.927 0.3563 0.3072 0.3187 -_ .. _.- ..... ................ 
04697 0.1848 1 10 Elas. 1.153 -0.8534 1.602 0.2725 

SIN-C 1.1G8 -0.8638 1.617 0.2799 0.4803 0.1819 
SIN 0.982 -0.7498 1.365 0.2376 0.3143 0.1891 ._-----_._-_. 

4 5 Elas. 2.118 -1.022 1.116 0.2588 0.3867 0.2729 
SIN-C 2.048 -1.043 1.079 0.2508 OA048 0.2489 

SIN 1.937 -0.923 1.024 0.2358 0.2930 0.2858 -_ .......... 
0.6468 --'o:~I27ro: 1555 4 10 BIas. 0.9396 -0.7463 0.1510 

SIN-C 0.9318 -0.7'"32 O.MlS 0.149,j 0.4434 0.1524 
SIN 0.8763 -0.7026 0.6076 0.1412 0.3029 0.1734 

Table 1: Simply supported cross-ply cylindrical shell panel: finitc elemcnt resultH for SIN 
and SIN-C models. Non climcnsionalized dufluxion and stresses are computed as in [14] 

Numerical results a.re presented in this section for a simply snpported cross-ply cylindrical 
shell panel, sec Fig. 2. The geometry of t.his cylindrical panel is defiued by llleans of its 
ra.dins R, its length b, its circumferential length n, = R¢. Geometrical, mat.erial and 
loading properties havn been chosen as follows: 

geometry: a rectangular shell with R = 10., ratio bla = 3. and two ra.tios RIa. = 1,1.1, 
is consich-)recl. Two thickncss ra.tios ale = 5, 10 a.re used. 

boundary conditions and loading: this erosH-ply cylindrical shell panel is simply 
supported at its edges, and is loaded by a transversc doubly sinusoidal pressure, 

material properties: the shell has got thre(~ layers (0°,90°, 0°) of equa.l thickness and 
the lamina material properties are taken from Pagano [15] as : 

E, = 25E2 G12 = Gj3 = O.5E2 Gn = 0.2E2 
1/12 = 0.25 

95 



double sinus 
pressure 

R 
XI 

Figure 2: Three layers cylindrical panel under t.ransverse doubly sinusoidal pressure 

Numerical results obtained on this test wit.h the present finite element (mesh N= 4) are 
compared in Tab. 1 with the elasticity solution given by Huang [14]. 
Results from the present finite clement are in good agreement with elasticity solutions for 
both tra.nsverse displacement and stresses, and the effect of the continuity condition is 
one more time very significant. For the most difficult case, Ria = 1 and ale = 5 which is 
a deep thick shell, numerical results present the following deviations in comparison to an 
elasticity solution: -6.% for the transverse displacement, (3.) -7., -5.)% for the fltresses 
(all) 0'22, 0"12)' aJ."ld finally (-2.) -12)% for the transw~rse shear Htresses (0'13) 0"23). 

5.2 Free vibration tests 

For this test, a simply supported two-layer cross-ply cylindrical panel is considered and the 
first din"l<::msionlf~ss natural frequency is compared with an analytical value given in [16]. 
Characteristics of this cylindrical panel are as follows: 

geolnetry : a rectangular shell \vit11 R := 4., a = 2. and different ratios L I a = 1, 2, 3, 4) 5 
are considered. The thickness is given by e = 0.1 ; 

boundary conditions: this cross-ply cylindrical shell panel is simply supported at its 
edges; 

material properties: two layers (0°,90°) of equal thickness are considered and the 
lamina material properties arc taken from [15] : 

E, = 25E2 G'2 = Gl3 = O.5E2 G23 = O.2E, 
1/12 = 0.25 

Results from the present finite element, shown in Tab. 2, are in good agreement with the 
reference solution. One can observe that the KL-K model overestimates t.he first natural 
frequency for all the ratios while RtvI-N model underestimates this natural frequency. 
Deviations in comparison to analytical solution never exceds 2% for SIN-C model. 

5.3 Transient response 

Implicit and explicit time integration schemes have been implemented to evaluate the 
capabilities in dynamics of this new finite element. Some tests have been performed 
on homogeneous plates and finally on multilayered shells. Parametric studies such as 
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-----------------------------------------------------------------------------------------

L/" Ref. [hm-82] SIN-C KL-K RM-N 
1 11.71 11.66 11.74 11.54 
2 7.35 7.28 7.42 7.24 
3 6.58 6.49 6.65 6.43 
4 0.32 6.23 6.40 6.19 
5 6.22 6.11 6.28 6.08 

Table 2: Free vibrations of a simply supported two layers cylindrical panel. Firstflexural 
eigenfrequency and comparison with an analytical solution. 

sensitivity to the time integration on the transient response or damping factor influence 
on the dynamic behaviour have been accomplished vaEding the implementation. Uniform 
pressure and Dirac loading have been testeel on simply supported cylindrical shell panel. 
The results obtained under Dirac loading are presenteel here. 
Geometrical and materi(11 characteristics of this cylindrical panel) see Fig. 3) are as 
follows: 

geometry: a rectangular shell wit.h R = 10., rat.io bla 
considered. Ratio alc = 10 is useel in this case. 

3. and rat.io Ria 1, is 

boundary conditions and loading: this cross-ply cylindrical shell panel is simply 
supported at its edges, a.ud is subjected to an impulsive normal load at it~ een-
tel'. 

material properties: the shell has got three layers (0°,90° 10°) of equal thickness and 
the lamina material properties are taken from Pagano [15J as : 

E1 = 25E, G 12 = G13 = 0.5E, G,a = 0.2E, 
1/12 = 0.25 

Transient responses have been achieved on this multilayered paneL For each simulation, 
the results are in good agreement in comparison with 3D solid or shell finite element 
computations from Ansys Software. 
The transient responses giV(-,)Il by the present element and She1193 element from Ansys 
Sofware are compared in Fig. 4. For this simulation, the Rayleigh damping factor value 
is!3 = 0.001. A good agreement for the global dynamic responses of the panel is observed. 
On the other hand, Fig. 5 shows the evolution of the dynamic response when rayleigh 
damping factor increases. Responses a.rc in agreement with theorical results again. Fi
l1<:1.11y, these first investigations in dynamics are very encouraging for future work, especially 
for impacts and damage studies in dynamics. 

6 Conclusions 

In tIlls paper, a new triangular finite element has been presented to analyze the linear 
behaviour of multilayered shells in statics and dynamics. 
The higher order shell theory llsed, which contains only five independent generalized dis
placements, allows statisfying exactly all the boundary conditions at the top and bottom 
surfac.es of the shell and involves a nOll-linear transverse shear stress distribution avoiding 
the use of shear correction fact.ors. Furthermore, interlaminar continuity for displacements 
and transverse shear stresses are taken into account with this model. 
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Figure a: Lamina.ted cylindrical panel for dynamic tests 
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Figure 4: Compared response with numerical simulation from Ansys. 

On the other hand 1 this finite element is free of transverse shear and membrane lockings, 
and several tests have shown its efficiency. 
Present works have recently been followed by the introduction of a moderately large trans
verSE~ displacement (von-Karman assumptions) for geometrically non linear applications. 
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Modelling of material behaviour at high strain rates 
and temperatures for numerical simulations 

ABSTRACT 

E. EI-Magd, C. Treppmann, M. Korthauer 
Department of Materials Science, RWTH Aachen (Germany) 

Continuous constitutive equations for wide ranges of strain rates and temperatures are gaining 
increasing importance for adequate simulation of dynamic deformation processes. The flow behaviour 
of the carbon steel CK45N and the Titanium Alloy Ti6AI4V is studied at different strain rates between 
0.0015-1 and 100005-1 with temperatures varying 23°C and 100QoC. 

In order to describe the material behaviour over this wide range different physical deformation 
mechanisms have to be considered. In addition to plastic deformation mechanism with relatively low 
strain ate sensitivity and weak temperature dependence, creep deformation processes have to be 
taken into consideration that are dominant in the range of high temperatures and low strain rates. 
Furthermore an additional stress increase caused by damping controlled mechanism is considered 
which accounts for the increase of strain rate sensitivity in the range of high strain rates. In case of 
steel a dynamic age hardening mechanism is superimposed leading to a stress increase between 
300°C and 600°C according to strain rate. However a continuous description is achieved assuming 
that the different mechanisms are simultaneously active and hence they can be superimposed. 

INTRODUCTION 

The mechanical behaviour of materials at high strain rates is characterised by increased strain rate 
sensitivity, by the adiabatic character of the defonnation process, by increasing effects of mass inertia 
forces and by the reflections of mechanical waves at the material boundaries. In this paper these 
effects are studied on CK45N and Ti6Al4V in dynamic compression tests on cylindrical specimens. 
The test temperature is varied between room temperature and 1000°C at strain rates up to 10000 S-l. 

EXPERIM ENTAL INVESTIGATION OF THE MECHANICAL BEHAVIOUR 

TEST PROCEDURE 

The material behaviour of CK45N and Ti6Al4V at strain rates lower then 1000 S-l was investigated 
using servo-hydraulic testing machines. At strain rates higher than 1000 S-1 the tests were realized 
with impact compression tests on a Split-Hopkinson bar arrangement. The start temperature can be 
increased up to 1000°C. 

EXPERIMENTAL RESULTS 

Figure 1 shows the flow curves of CK45N in quasi-static tests at strain rates of 0.001 S-1 and in 
dynamic tests at about 5000 S·l in a temperature range from room temperature up to 1000°C. For the 
steel Ck45N a dynamic strain age hardening effect is observed at strain rates 0.001 S-l at a 
temperature range between 250°C and 400°C leading to an increase of stress in this region. Also in 
the dynamic range of strain rates strain age hardening cannot be neglected. At 500°C the flow stress 
decreases while at 600°C a rising behaviour of the flow stress is noticeable. 
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Figure 1: Comparison of flow curves of CK45N at strain rates 0.001 S-1 and 5000 S-1 
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The material behaviour of Ti6AI4V is presented in Figure 2. The quasi-static flow curves with strain 
rates at 0.01 81 are represented in _ Figure 2a whereas the results of the impact cO":lpression tests 
determined using a Split-Hopkinson bar arrangement with strain rates of nearly 3000 s are shown in 
Figure 2b. There are great differences between the flow stresses of each tested temperature, The 
influence of the strain rate on the flow stress depends to a great extend on the test temperature. At 
900°C the true stress reaches a value of 500 MPa while in the quasi-static test this value is less then 
80 MPa. 
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Figure 2: Comparison of flow curves of Ti6AI4V at strain rates 0.01 S-1 and 3000 S-l 
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The temperature dependency for CK45N is shown in Figure 3a. Depending on the strain rate the 
material indicates an increase of the flow stress to a maximum lying between 300°C and 600°C due to 
dynamic age hardening effect. With increasing strain rate this stress maximum is shifted to higher 
temperatures at which the velocity of interstitial saluted atoms equals the dislocation velocity at this 
strain rate, 
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Figure 3: Temperature dependency of CK45N and Ti6A!4V at quasi-static und dynamic tests 

102 



Figure 3a presents the corresponding temperature dependency of the flow stress of Ti6AI4V at a 
plastic strain of 0.05. Over the whole investigated range cf the temperature, the values of the flow 
stress determined in the dynamic tests are much higher than those determined in quasi-static tests. 
The difference increases with increasing temperature. Therefore no unique temperature function can 
be applied to the whole range of strain rates. 
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Figure 4: Temperature and strain rate dependency of CK45N and Ti6AI4V from 0.001 S-l to 10000 S·l 

Figure 4 shows the temperature and strain rate dependency of CK45N and Ti6AI4V in a range of 
strain rates between 0.001 S·l and 10000 S"l at a true plastic strain of E = 0.1 and E = 0.05. Three 
different regions can be distinguished in the figure. In the region of low temperatures and moderate 
strain rates, only a slight dependence of the flow stress on strain rate and temperature is observed. 
The usual plastic deformation mechanism dominates in this region. The strain hardening as well as 
the strain rate dependence can be described by power laws. At temperature higher than about 500°C, 
a greater influence of strain rate and temperature can be observed at low and moderate strain rates. 
This is caused by additional creep strains arising during the deformation tests. They can be 
considered either as an increase of strain for a given flow stress value, or as a reduction of the flow 

stress by stress relaxation. At high strain rates (s > 2000s-I
), the viscous damping deformation 

mechanism can be considered as dominant. 

The presentation of the temperature and strain rate dependency of CK45 and Ti6A!4V under dynamic 
conditions of strain rate is shown in Figure 5. The stress for different values of strain follows a linear 
relation with the strain rate. The slope Ja I ai remains nearly constant between room temperature 
and 600°C, thereafter it decreases continuously with increasing temperature. 
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Figure 5: Temperature and strain rate dependency of CK45N and Ti6AI4V in a dynamic range of strain 
rate 
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CONSTITUTIVE EQUATIONS FOR THE WHOLE RANGE OF STRAIN RATE AND 
TEMPERATURE 

Under dynamic conditions the mechanical behaviour can be described with damping controlled gliding 
according to [1 ,2J 

(1 ) 

with 

(2) 

where MT, 8, b, Nn are the Taylor factor, a damping constant, the burgers vector and the mobile 
dislocation density, respectively. 

At lower strain rates the deformation is controlled by a combination of creep processes and plastic 
flow. So the complete strain rate range can be described as a combination of different strain rates 
[3,4J: 

(3) 

where M( 1,£ ,i) is a transition function between dynamic and lower strain rates, Finally the 

following equation can describe the material behaviour in the whole range of strain rate and 
temperature: 

(5) 

This material model has the disadvantage that on the one hand the evaluation of many constants is 
necessary and on the other hand this description is only a transcendent function of stress. Thus there 

was a great demand of a reduction of parameters and a description like a =.f( B ,i, r) . The next part 

shows a possible solution for these demands. 

The dependency a (E) can be described by a strain hardening power law e.g. by Hollomon [5) 

o=K-e" (6) 

Besides the influence of velocity at the range of low strain rates has to be considered with an 
exponential fUnction [6]. 

(7) 

The linear damping effects should be described as knowniErrorlMarcadornodelinido. 

(8) 

With the temperature dependency 1jJ(T) the flow function can be given by 

(9) 
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The creep behaviour at high temperatures and low strain rates should be roughly described in 
consideration of stress relaxation: 

The following parameters can be used with CK45N: 

T' = 202,84K 

£' = 15262 10,32 S'I 

v=7 

with 0' =1 MPa 

0, =605MPa 

m = 0,01 

17 =0.17 

I) = 00242 MPa's 

The temperature dependency 'I'(T) can be described by e,9, 

with the following parameters: 

17 = 1300K, r, = 700K 

(10) 

(11 ) 

Thereby the number of parameters of the constitutive equation for the whole range of strain rate and 
temperature could be halved. Besides the stress values can be calculated direct without any iterations. 

For CK45N the dynamic strain age hardening effect should be considered with a = a + R 

R=140'exp - ''''1' -[(
T-700)6] . [(/17(i)-0.023'T+16.5)'j 

130 9.0- 0.01-T 
(10) 
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Figure 6: Description of the material behaviour of CK45N with the new model for the whole range of 
strain rate and temperature 
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APPLICATION: SIMULATION OF IMPACT SHEAR TESTS 

Hal shaped specimens [7] were tested using a Split-Hopkinson Bar arrangement, in order to realize 
high strain rate deformation up to large strains under controlled conditions. The specimen is 
axisymmetrical with a narrow region of concentrated shear deformation. These tests were simulated 
with the explicit time integration finite element code Abaqus/Explizit in order to validate the material 
model eq. (5) at highest strain rates up to 300000 5-

1
, Figure 7 shows the idealization of the specimen 

with boundary conditions. The motion of the upper bar was given by measured data from the 
experiment. The output bar was idealized with infinite elements, so no reflection of mechanical waves 
occurs during the simulation. 

Symmetry axis 

Figure 7; Idealisation of the hat-shaped specimen 

Priction 

~outputbar 

infinite 
elements 

The results of the measured data (symbols) and the numerical simulation (lines) are shown in 
Figure 8. 
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Figure 8; Comparison between simulation and material model of CK45N 
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CONCLUSION 

Split-Hopkinson Bar and quasi-static compression tests were carried out on cylindrical specimens at 
different temperatures and strain rates between 0.001 5-

1 and 100005-1, The temperature dependency 
for CK45N and Ti6AI4V is measured in quasi-static and dynamic compression tests. For CK45N, strain 
age hardening effects are found at a temperature about 250°C up to soooe at all investigated strain 
rates. Considering this temperature dependency, the material behaviour could be described for 
CK45N using a new material model based on Hollomon combined with the structure mechanical 
viscous damping behaviour and creep processes. The FE-Simulation is compared with the results of 
the experiments on hat shaped specimens using extrapolated flow curves up to strain rates of 
3·105 s-1

. 
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Dynamic Fragmentation of R-SiC Ceramics during 
Edge-On Impact Tests 

ABSTRACT 
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The threat of small to medium caliber armor piercing projectiles requires efficient protections that can 
be achieved by using bilayered configurations. They consist in a front face made of a hard material 
and a backing made of a ductile material. These solutions are among the most interesting in terms of 
mass efficiency. To design such bilayered concepts, one needs to understand and model 
fragmentation of the ceramic during the first microseconds after impact. This cracking pattern may 
significantly influence the projectile J target interaction and reduce the multi-hit capability of the armor. 
A new material made of porous silicon carbide infiltrated with aluminum is considered. The presence 
of an aluminum skeleton may improve the residual strength after impact. The present study deals with 
a comparison of fragmentation properties of this new material with those of porous silicon carbide. 
Quasi-static experiments and edge-an-impact tests are performed. The role of aluminum is discussed. 
An anisotropic damage model coupled with a fragmentation study is used to analyze the experimental 
observations. 

INTRODUCTION 

Bilayered armors using hard materials such as ceramics (e.g., alumina, silicon carbide) as front plate 
and ductile materials (e.g., steel, aluminum alloy, composite or polycarbonate) as backing face have 
been studied for several years to improve the efficiency of light or medium armors [1]. This 
configuration was successfully explored by den Reijer [1]: a bilayered armor using an 8.1 mm thick 
alumina tile as front plate and a 6mm thick aluminum plate as backing face was able to stop a 
7.62 mm AP projectile. Radiographs of the projectile I target interaction shot with an x-ray pulsers set
up (600 kV) permitted the observation of the entire projectile erosion. This projectile failure and 
erosion is made possible by the high strength of ceramic materials in compression (more than twenty 
times greater than the tensile strength) [2]. Moreover a wide deformation of the aluminum plate was 
observed within a zone approximately 75 mm large. Two functions of the backing face are met: first, 
to absorb the impact energy as much as possible by plastic dissipation, second, to increase the 
confinement of the damaged ceramic tile. The weight of the armor is then reduced in comparison to 
an armor made of steel only with this combination. It is especially appealing when dealing with small 
to medium armor piercing calibers (e.g., 7.62 mm AP or 12.7 mm AP). More recently, a silicon carbide 
ceramic combined by a 50-mm thick honeycomb aluminum also led to interesting results [3]. 

Furthermore, Riou [4] performed experiments on bilayered configurations with different 
thicknesses of the SiC ceramic layer. A significant degradation of the ceramic called fragmentation 
and characterized by numerous radial micro-cracks was observed in a normal impact test. The 
fragmentation is caused by tensile toop stresses and strains induced by the radial motion of the 
ceramic after impact. To visualize fragmentation, a so-called edge-on-impact (EOI) configuration can 
be used. These configurations were developed by the Ernst-Mach-Institut (EMI) in Germany [5-7] and 
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more recently by the Centre Technique d'Arcueil (CTA) in France [4,8]. The same damage 
mechanism (Le., multiple cracking) was observed by Riou [4] in EOI and in normal impact 
configurations for bilayered and monolithic ceramics. This result was aso obtained numerically [10J. 
To allow for post-mortem observations, a sarcophagus configuration was designed [9] (Fig. 1-a). 
These studies enabled for a comparison between different ceramics in terms of fragmentation features 
(Fig. 1-b) [11]. To limit the perforation of the ceramic, a materia! leading to a small crack density is 
recommended [2]. Yet, the mUlti-hit strength is still low with these material combinations. 
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Fig. 1. Schematic of a sarcophagus configuration (a) and post-mortem observation of a SiC-100 
ceramic impacted by a steel projectile (AFNOR 100G6, AISI 52 100) at 330 mls (b) [2], 

Another route can be followed to improve the multl-hit capability of a bilayered armor. It 
consists in avoiding or redUcing the motion of the fragments [12]. To achieve this property, a porous 
SiC ceramic is infiltrated by aluminum. Aluminum induces a better cohesion to the impacted material 
thereby increasing the residual strength after impact. To illustrate this feature, Fig. 2 shows a block of 
armor made of 3 tiles of infiltrated ceramic encased in a 15 mm thick aluminum layer that was 
impacted by an AP 7,62 mm projectile traveillng at 847 m/s [12]. One can note no penetration even 
though a very dense cracking occurred in the first layer (see micrographs of Fig. 2). 

Fig. 2. View of a multilayered armor made of RSiCHAl ceramics impacted by an AP 7.62~mm bullet. 
No perforation can be observed and the fragmentation process is confined around the impact zone 
(see zooms of three different zones). 
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To design bHayered armors, one has to model damage caused by impact in the brittle 
material. To achieve this goal, a comparison of the fragmentation features of the infiltrated ceramic 
with those of the porous SiC material is performed. The two materials studied herein are presented. 
Mechanical and failure properties are obtained under quasi-static loading conditions. EOI experiments 
are then discussed. Two sets of data ffe obtained. Based upon a fragmentation theory, a so-called 
local damage model [11 J is used to analyze the different fragmentation conditions observed. 

STUDIED MATERIALS 

The armor concept consists in a compact aluminum box of size 160 x 90 x 45 mm3 [13]. The box 
contains one or several ceramic tiles surrounded by a steel casing on the first half of its thickness, 
located close to the impacted surface (Fig. 2). The steel casing has two functions: first, to maintain 
the ceramic tiles in position during squeeze casting, and second, to constrain the ceramic during 
impact. The RSiC tiles, which are obtained by sintering of SiC powder by Sa'lnt-Gobain lndvstrjal 
ceramics (commercial name: Crystar®), are porous (Fig. 2). The open porosity of the RSiC tiles is 
regular and continuous from one side to the other one, in such a way that aluminum will fill most of the 
open cavities during the squeeze-casting process. An initial porosity of the order of 17% was 
measured [14]. The second half of the thickness of the box is pure aluminum. The density of the box 
is close to 2.8, depending on the number of R-SiC tiles used. 

Elaboration of compact boxes has been carried out at LKR laboratory by infiltration of the 
porous R-SiC tiles using UBE HVSC 350 indirect squeeze casting equipment. Before infiltration, the 
ceramic tiles are encased in a steel canister perforated by numerous holes to allow for the penetration 
of liquid aluminum. The boxes are heated up in a furnace to allow for a complete filling of the pores 
during infiltration. After preheating, the boxes are put in a die of the squeeze casting equipment and 
infiltrated with liquid aluminum or an aluminum-silicon alloy by applying a pressure of about 70 MPa. 
The same processing parameters are used to make infiltrated R-SiC-AI alone. Image analyses of 
micrographs of the RSiC-AI material are used to determine the volume fraction of aluminum (.e., 
14.5%) and the remaining porosity (i.e., 2.5%) [14]. 

The elastic properties of the two materials are obtained by using ultrasound experiments. The 
celerities of longitudinal and transverse waves are measured and the elastic properties of an isotropic 
and elastic material can be deduced [15}. Table 1 summarizes the results obtained for the two 
ceramics. A comparison is given with a steel to be used in the EO! experiments. The presence of 
aluminum increases the Young's modulus of the material as well as the density when compared to the 
raw RSiC ceramic. 

Table 1. Mechanical properties of materials used during edge-on impact tests. 

Material RS'IC R-SiC-AI 35NCD16 sleel 

Young's Modulus (GPa) 260 317 210 

Poisson's ratio v 0.159 0.167 0.3 

Density 2.64 2.99 7.89 

Porosity 17% 2.5% 0 

Yield stress cry (MPa) - - 1300 

Wei bull modulus m 26.5 24 -

Mean strength ow (MPa) 113 222 -

Effective volume Vert (mm3
) 0.084 0.12 -

Number of samples 19 12 -
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To evaluate the fracture properties under quasi-static loading condition, 3-point flexural 
experiments are carried out. The failure load is scattered so that a Weibull model {16, 17] is used. The 
failure probability Pi"" is expressed as 

[ [( )]"'] PF =l-exp -V,'ffA,v ~~. , (1) 

where Veff denotes the effective volume {1B] 

f[ (o-, (~»)]'" 
Vpj)" = --- dro with 0" F :::: max 0" R (r) 

n 0" F U 

(2) 

corresponding to an equivalent stress (J" (e.g., maximum principal stress) at a given point K. The 

parameter m is the Weibull modulus (i.e., it measures the scatter, the lower m, the higher the scatter), 
So the scale parameter relative to a reference density }"o, and (*) the Macauley brackets V.e., the 

positive part of *). The constant S~' I \ is the Weibull scale parameter. 
the effective volume can be calculated in 3-point flexure 

V 
V,rr ~-(--)-, ' 

2m+l 

By using a beam theory, 

(3) 

where V is the loaded volume ~·.e., V:::: 20 x 3x 3 mm~. The surfaces in tension were polished prior 
to the experiments and two chamfers were ground. 19 experiments are performed for the raw R-SiC 
ceramic and 12 for the infiltrated R:-SiC. A stroke rate of 0.1 mmlmin was applied. Table 1 shows that 
the Weibull moduli are similar for the two materials. Consequently, it is expected that the defect 
population is identical in both cases. For the Weibul! model, the average failure stress () w is given by 

where r is the Euler function of the second kind. 
observed when the two materials are compared. 
evidenced by these results. A strong bond can 
aluminum in EOI experiments. 

EDGE-ON-IMPACT EXPERIMENTS 

(4) 

It can be noted that a significant increase is 
The effect of aluminum infiltration is clearly 

be expected between the R-SiC skeleton and 

The dynamic fragmentation is studied by using EOI configurations. It consists in impacting a ceramic 
(or a glass) on the edge so that a ultra-high speed camera can be used to visualize the kinetics of the 
fragmentation process or microscopic analyses can be carried out to observe the post-mortem 
cracking pattern. The interframe time can be as low as 0.2 {is. A projectile made of high strength 
steel (AFNOR designation: 35NCD16) is fired by a gas launcher with velocities ranging from 100 to 
450 mls for a steel projectile (length: 15 mm, diameter: 11 mm). The sample is put in an aluminum 
container. The projectile speed is measured by two optical cells 50 mm apart. When the bullet 
reaches the second cell, the flashlight is triggered, and when it impacts the target, it activates the 
camera to take pictures. To get a good contrast, a very thin aluminum layer is deposited on the 
surface of interest. The size of the tested tiles is 60 x 30 x 8 mm3

. 

Figure 3 shows two series of pictures obtained for the two ceramics when impacted at 200 
m/s. For the raw ceramic (Fig. 3, top view), one can see a very intense damage front invading the tile 
(t:::: 4 {is) unti! it reaches half of tile (t::: 6 I1s) followed by numerous radial macro-cracks that propagate 
as time increases. The same observations can be made for the infiltrated ceramic (Fig. 3, bottom 
view). This first series of experiments does not allow us to differentiate significantly the fragmentation 
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features of the two materials even though the damage zone is less extended for R-SiC-AI than R-SiC 
ceramics. However, when analyzed after the experiment, RSiC ceramics were fully fragmented 
whereas the R-S1C-AI tile had intact parts. A second EOl configuration is used to analyze dynamic 
fragmentation. 

t=2f.ts t=4ps t = ]() ps 

Fig. 3. Comparison of damage patterns for R-SiC (top) and R-SiC-AI (bottom) ceramics impacted by a 
steel projectile travelling at 200 m/s. 

A so-called sarcophagus configuration is used (see Fig. 1-b). Instead of utilizing a high-speed 
camera, the present configuration enables us to maintain the fragments in place. The impedance of 
the confinement needs to be less than that of the ceramic so that the "confinement" does not interfere 
with the impacted ceramic. After impact, the tile is infiltrated by a hyper-fluid resin and polished for 
macroscopic and microscopic analyses. Two different experiments are reported for the same impact 
velocity O.e., 200 m/s). The same sample geometry as before is used here. The macroscopic and 
microscopic post-mortem cracking pattern is shown in Fig. 4. Different zones can be separated with 
respect to the crack density. The top views of Fig. 4 show that in front of the projectile, a first zone 
experiences a very fine cracking pattern. In a second zone, one can observe long radial cracks. This 
result is comparable with the high-speed camera observations, For the raw SiC, the first zone has a 
size of the order of 20 x 25 mm2

. For the infiltrated ceramic, the size of the first zone is significantly 
reduced (Le., 15 x 15 mm2

). 

Furthermore, the erosion of the raw SiC is more important compared with the infiltrated 
ceramic. The bottom views of Fig. 4 show that in the first zone the cracking pattern is mainly oriented 
along the radial direction. These micrographs correspond to the same location O.e., 13 mm ahead of 
the impact center). Smaller cracks can be seen in the infiltrated materiaL This trend was also 
observed for another SiC-AI material [19] for which it was concluded that only a limited number of 
cracks was generated when compared to dense SiC-i00 and hipped SiC. All these observations are 
now analyzed with a damage mode! based upon a fragmentation analysis. 
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10mm 

-8- -b-

0.5 mm 

Fig. 4. Post-mortem observations and zoom around a centra! zone located 13 mm from the impact 
point: R-SiC impacted at 200 m/s (b), R-SiC-A! impacted at 200 m/s (c). 

NUMERICAL ANALYSIS OF THE FRAGMENTATION IN SIC CERAMICS 

The fragmentation process is discrete by essence. Continuum Damage Mechanics can be used with 
an isotropic [20-23] Of anisotropic [24] damage description to account for multiple fragmentation. 
Consequently, in the numerical simulations, the medium is assumed to be continuum on the scale of a 
finite element in which numerous cracks are expected to form. [n the following, a damage model 
based upon a fragmentation analysis is used. 

DAMAGE MODEL 

For brittle materials, the analysis of failure depends upon the microstructure in tErms of flaw density 
and failure stress distribution [25]. In the present analysis, it is assumed that cracking occurs normal 
to three directions di (i =: 1, 2, 3). The microstructure is approximated by point defects of density 
}"I with random locations. It can be described by a Poisson point process of intensity AI [26,27] 

(5) 

114 



Equation (5) shows that the higher the local principal stress q, the more defects can break, Under 
impact, a whole cracking pattern is observed as shown in Fig. 4. In the following, it is assumed that 
the defect population leading to damage and failure is identical when the material is subjected to 
quasi-static and dynamic loading conditions [25,28J. To understand why a crack nucleates, one has to 
model the interaction of a nucleated defect and other defects that would nucleate. The crack 
propagation velocity is assumed to be constant and equal to a fraction k of the longitudinal wave 
speed CO [29,8J. Therefore, one may define a relaxation or obscuration domain of volume Vo around a 
crack O.e., a zone in which the stresses are less than the applied stresses, thus do not cause new 
crack initiations) 

(6) 

which is a function of a shape parameter S, the present time t and the time to nucleation 0< t. The 
shape parameter S may depend on the Poisson's ratio v but it is independent of time so that the 
relaxed zones are self-similar. New cracks wI!! initiate only if the defect exists in the considered zone 
and if the flaw does not belong to any relaxed zone. It can be noted that the relaxation volumes are 
associated with a cracking normal dl . The total flaw density A, can be split into two parts: namely, AI;' 

the cracking density and the obscured flaw density. The increment of the cracking density AI; can be 

related to that of total flaw density ic, by [30J 

dic, r 1 die r 1 --' Lu(t) ~ -' Lu(t) (1- Po (t» , 
til d! 

(7) 

with At,{0) = }q{0) = 0 and Po the probability of obscuration associated to the cracking normal dl 

(8) 

It can be noted that Eqn. (8) accounts for overlappings of obscuration zones. Based upon the 
fragmentation analysis, a damage model is now developed. The variable Po can be used to define a 
damage variable in the framework of Continuum Damage Mechanics [30]. The probability Po is 
assumed to be equal to the damage variable OJ associated to the direction dj • It is interesting to 
mention that the first order approximation of Eqn. (8) leads to the differential equation proposed by 
Grady and Kipp [21] to describe the kinetics of an isotropic damage variable. In the present analysis, 
an anisotropic description is used. The kinetics of each damage variable OJ is based upon the defect 
density At and is derived by using Eqn. (8) 

when a i > 0 and 
da· 
--' > 0 

dt 
(9) 

where no index summation is used. The cracking velocity kCo is about 20-40% the longitudinal wave 
velocity Co (i.e., k is ranging between 0,2 and 0.4), and S is a dimensionless shape factor: in 3D 
situations S = 3.74 [11]. The microscopic and macroscopic stresses are related by the classical 
effective stress concept [31] associated to each cracking direction di 

u 1 
_2:_1_ 

1- 0 , 
(10) 

Once the elastic properties and the Weibu!l parameters are known, the constant k is chosen equal to 
0.38 as for other SiC ceramics [8,11], the model has no other parameters to tune. The following 
numerical simulations are therefore predictions. 
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FINITE ELEMENT COMPUTATIONS 

Finite element simulations are performed with the commercial code Pam shock [32] in which the 
fragmentation and damage models are implemented. For each step, the strain increment is given so 
that the local or microscopic stresses can be computed (since these stresses are elastic). From this 
information, the damage kinetics is obtained (Eqn. (9» as weI! as the cracking density increment (Eqn. 
(7)). At the end of each step, the user has access to the damage variables along the three cracking 
normals, the macroscopic stresses as well as the density of cracking. Depending on the problem, any 
of these quantities can be visualized. In the present case, we will focus on the cracking density along 
the maximum principal stress direction. 

The mesh uses 8-node elements with reduced integration q.e., only one integration point per 
element). The two symmetry conditions lead to a mesh of one quarter of the geometry made of 5200 
elements. The material parameters used in the simulations are given in Table 1 for the tile and the 
projectile, Figures 5 and 6 show maps of cracking densities associated with the first (maximum) 
principal stress for the different cases used in the EOI experiments, The dashed boxes correspond to 
those found experimentally (Fig, 4), When t = 4 ps, the cracking density is greater than 102

.
5 mm·3 in 

the boxes (Flgs. &a and &a). A damage front gradually invades about one half to two thirds of the tile 
in less than 4 JJS. The pictures obtained with the high-speed camera show a very dense damage 
pattern created around 4 JJs, then followed by long cracks visible after 6 ps, The simulation is able to 
find the development of the first damage front. However, there is a time lag of about 2 JJs for the 
second phase of the cracking pattern. One may argue that the cracks are too small to be observed by 
the high-speed camera at their inception, It can also be noted that the cracking density is very similar 
when the maps corresponding to the external surfaces (Figs. 5-a and 6-a) are compared with those of 
the mid-height (Figs. 5-b and 6-b). 

The cracking density in the porous R-SiC is significantly greater than that of the infiltrated R
SiC, This result is consistent with the post-mortem observations and confirms the beneficial effect of 
aluminum infiltration on fragmentation. 

-a- -b-

II I I I I I I 

Fig. 5. Cracking density 4JJs after a 200 m/s impact of one quarter of an RSiC ceramic tile: (a) 
external surface, (b): mid-height of the tile. 
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-a- -b-

Fig. 6. Cracking density 4IJs after a 200 m/s impact of one quarter of an RSiC-AI ceramic tile: 
(a) external surface, (b): mid-height of the We. 

CONCLUSION 

A new SiC ceramic infiltrated by aluminum has been studied herein. In terms of density and Young's 
modulus, lower values are found fOf raw R-SiC compared to infiltrated R-SiC-AI when the two 
materials are tested under quasi-static loading conditions. 

Edge-an-impact experiments were performed on the two R-SiC grades. When using a high
speed camera, no significant differences could be observed. A sarcophagus configuration was then 
used to perform post-mortem analyses that are more precise in terms of observations of the cracking 
pattern. Macroscopic and microscopic examinations show that, when subjected to impact loadings 
leading to dynamic fragmentation, the R-SiC ceramic infiltrated with al uminum shows a significant 
reduction in cracking density when compared to the raw R-SiC material. Under this type of loading 
conditions, the aluminum skeleton provides sufficient cohesion for the cracks to be stopped. 

The material parameters, which were ootermined under quasi-static loading conditions, are 
the only ones needed for the fragmentation model used herein. A damage model is then deduced. 
The finite element simulations using the damage and fragmentation models are able to predict the 
trends observed in the experiments for the two ~SiC grades. The numerical simulation of edge-on
impacts shows damage patterns in agreement with experimental observations, even though the 
second stage is slightly ahead of experimental observations. The infiltration has a strong influence on 
the initiation of cracks and a lesser effect on their propagation as it was assumed in the simulations. 
This is however going to be different when the residual strength will be assessed. This work is still in 
progress. 
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ABSTRACT 

The influence of low temperature on the damage to CFRPs caused by intermediate and high velocity 
impacts was investigated by launching spherical projectiles against quasi-isotropic carbon fiber/epoxy 
laminates. Tests were done at temperatures between 25°C and -150°C. 

The extension of the damage was measured by C-Scan. The results show a clear dependence of 
damage on temperature and impact velocity. In the numerical simulations of the test, a multi-damage 
criterion was adopted that considered delamination, matrix cracking and fibre failure. 

INTRODUCTION 

Future generations of launch vehicles witt have to be completely reusable to give reliable access to 
space at a much lower cost than is possible with the present expendable vehicles (type Ariane 5) or 
the semi-expendable Space Shuttle type. This means a reduction of the structural mass of the 
vehicles since dry weight is a major cost driver; fuel tanks and propettant masses form an important 
fraction (about 90%) of the total mass. Fibre Reinforced Plastics (FRPs) are widely used in this 
application. Their excellent specific mechanical properties and their resistance to fatigue offer many 
advantages over convential metallic· materials; high stiffness, high strength and anisotropic behaviour 
clear the way to optimized designing for specific loading conditions. Among the high performance 
FRPs, Carbon Fibre Reinforced Plastics (CFRPs) are outstanding for their mechanical properties, but 
unfortunately they have a very low capacity of energy absorption when subjected to impulsive loads 
normal to the laminate plane, a condition that may arise at high velocity in the case, for example, of an 
impact of debris on a spacecraft. This low capacity of energy absorption is due mainly to the 
brittleness of the epoxy matrix and the low failure strain and shear strength of the carbon fibres. 
Engineers try to reduce the impact damage by means of matrix toughening [4], fibre toughening [2], 
hybridizing [3] and through-thickness reinforcement [4]. Different types of impact damage may be 
found in CFRP laminates: fibre breaking, matrix cracking, matrix crushing, fibre putt-out and 
delamination, the last being the most ominous in the reduction of the compression and of the bending 
and buckling strengths {5] since it causes a separation of the plies, and therefore an overall reduction 
of the laminate stiffness. 

CFRPs are widely used for structural components in the aeromautical and aerospace industries, 
applications in which they may be subjected to very low temperatures. CFRPs are also commonly 
used in the construction of cryogenic tanks on account of their tow thermal conductivity and high 
dimensional stability, so the static properties of carbon fibre composites at cryogenic temperatures 
have been the subject of several investigations. Usami et at [6] studied the behaviour of various epoxy 
resins at temperatures from -269°C to 100°C, and found that strength increases and failure strain 
decreases as the temperature falls. Korab et al [7] and Rogers et al [8] did tests to obtain thermal 
expansion coefficients for cross-ply, woven and unidirectional laminates. Giesy [9] described the 
variation of the laminate strength with temperature from -269°C to 23°C and found a slight increase in 
tension and a small decrease in compression at low temperature as compared with those at room 
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temperature, while Schutz [10] observed an increase in both tensile and compressive strengths. 
Morino et al [11] and Aoki et al [12] studied the process of interlaminar fracture and showed that matrix 
cracking is the main problem when CFRPs are considered for cryogenic applications. 

The behaviour under impact loading at low temperatures has so far received little attention. Here we 
examine the effect of !ow temperature (-150°C to 25°C) on the extension of damage produced by 
intermediate and high velocity impact (60 m!s to 529 m/s) on quasi-isotropic CF!Epoxy laminates. G 
Scan measurement showed how the damaged area of the composite for a given impact mass and 
velocity varies with temperature and with the type of laminate. Finally we made numerical simulations 
of the test. 

IMPACT EXPERIMENTS: PROJECTILE AND TESTED MATERIALS 

For the impact tests we used a tempered steel projectile of 1.73 g mass, spherical to avoid scattered 
results due to changes in the yaw angle. The laminated we tested was tape AS4J3501-6 with stacking 
sequence a:45.0.90]s, a material widely used in the aeronautical and aerospace industries. The 
material was provided by SACESA (Spain) from prepegs manufactured by HEXCEL, with a volumetric 
fibre content of 60%. The elastic and stren~th properties of these prepegs are given in Table 1 and 
Table 2. The specimen size was 80 x 80 mm . 

Prepreg Thickness (mm) E, (Gpa) E2 (Gpa) 

AS4/3501-6 0.175 

Prepreg l<t (Mpa) 

AS4/3501-6 2105 

gas gun 

belium 

131 8 

Table 1: elastic properties. 

)\, (Mpa) YI (Mpa) 

1656 74 

Table 2: strength properties. 

photoelectric celis 
. /".. 

~------' 
pcojectile .--

electro .... alve 

G12 (Gpa) 

3.7 

Yo (Mpa) 

175 

climatic 

liql1id nitrogen ternperamre controller 

V,2 

0.33 

S (Mpa) 

114 

CFRP 
specimen 

Figure 1: Sketch of the experimental device: gas gun and climatic chamber inside. 
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EXPERIMENTAL DEVICE 

A SABRE gas gun was used to launch the spherical projectile. For the impact test at different 
temperatures a climatic chamber was coupled to the gas gun. The experimental device is depicted in 
Fig. 1. 

GAS GUN 

The gas gun uses a 7.62 mm caliber canon coupled to a helium gas boUle at a pressure of 200 bar. 
When the exhaust valve opens, the helium impels the spherical projectile at velocities of~up to 525 
mfs. The fragment expelled from the canon travels a distance of 2 m along a 40 x 60 em" gallery in 
which its passage is detected l:o/ two photoelectric cells from which the impact velocity is obtained. At 
the end of the gallery, the projectile reaches an armoured box (1 x 1 x 1m

3
) in which the climatic 

chamber is located. 

CLIMATIC CHAMBER 

A cryogenic chamber (Fig. 2) was manufactured to provide temperatures down to -150°C. A flow of 
liquid nitrogen inside the chamber was regulated by an electrovalve controlled by a thermocouple 
placed next to the composite specimen. A fan ensured that the inside atmosphere was in constant 
recirculation. The CFRP specimen was placed in a special tool to clamp its border. To be certain of the 
homogeneity of the temperature in the specimen, we cooled it in the chamber for 20 minutes at -60 °C 
orfor 30 minutes at -150°C, (determined by previous thermal analyses). 

Figure 2: cryogenic chamber. 

EXPERIMENTAL RESULTS 

We ran the impact tests at between 60 and 525 mls and at three temperatures (25°C, -60°C and 
-150°C). After the tests, we measured the damaged area of the specimens by C-Scan, and found that 
it was very large in this type of laminate, reaching the border in the most badly damaged specimens 
since the laminate fibres are oriented in different directions in each ply. Most experimental evidence 
has shown that delamination occurs mainly between plies with different fibre orientation [5] and hence 
with different bending behaviour of the plies. 

123 



Fig. 3 shows the C-8can images of the damaged areas around the impacts, at different velocities and 
temperatures, in tests done at velocities above and below the ballistic limit. Perforations are identified 
by the hole made on penetration. There, the attenuation of the ultrasonic signal becomes zero, so a 
white area appears in the laminate. 

Decreasing temperature 

-156 c -6clC 

",100 m/s 

-450 1 
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Atenmtion [dB] 

48 18 6 o 

Figure 3: C-Scan damage contours in quasi-isotropic laminates as a function of impact velocity and 
temperature. External aspect of the damage in a perforation case. 

600 

N 
< 
E g 500 

co 
Q} 

Co 400 
"0 
Q} 

OJ co 
E 300 

'" o 

, 

--1- 25°C 

-- -60°C 
-A" • -150° C 

-" -...... --...... I- __ - - -.+A 
200L-----~----~----~----~----~----~ 

o 100 200 300 400 500 600 

Impact velocity (m/s) 

Figure 4: Damage extension in quasi-isotropic laminates vs impact velocity and energy at three 
different temperatures. 
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We used an image analyser programme to measure the damage areas from the CScan images, 
recognizing delamination when the signal attenuation was above 4 dB. Average values are plotted in 
Fig. 4 as a function of the impact velocity, at the three temperatures of the tests. Below the ballistic 
limit, the impact energy is absorbed mainly by local bending of the laminate, which allows energy 
transfer away from the impact zone. Without perforation, the impact energy is dissipated mainly by 
delamination and fibre failure [13]. However, above the ballistic limit the structural laminate response 
is much more localized around the point of impact because loading induces shear plugging with no 
global bending of the laminate, as is sketched in Fig. 5. Damage extension diminished as impact 
velocity increased, tending to a limit value and showing a saturation effect. In these conditions the 
damage area was independent of the impact velocity, and temperature did not significantly affect the 
damage extension (Fig. 4). 

The effect of temperature was more pronounced (Fig. 3). Damage extension grew significantly at the 
lower temperatures but on account of the prevalence of inertial effects, the thermal conditions did not 
affect the mechanical response of the laminate at hig her velocities. 

bending (strength effect) plugging (inertial effect) 

Figure 5: Effect of velocity on the response of laminates. 

NUMERICAL SIMULATION 

We chose the commercial finite element code ABAQUS for the numerical simulation as it aJlows the 
introduction of user sub-routines with the programme language Fortran. We made two kinds of 
simulation: a static one to determine the thermal tensions in the materia! at 25, -60 and -150 °C, and 
then a dynamic simulation of the impact to screen the progression of the damage. 
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Figure 6: Evaluation of the laminate elastic and thermal properties with temperature. 
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MODELLING THE MATERIAL 

We introduced a model of anisotropic behaviour that covers the appearance of the damage. Several 
investigators have described the thermoeslastic properties (Fig. 6) as a function of temperature [6, 8, 
12,14J. 

The damage criterion we adopted was based on the one proposed by Hou et al [15] which is in turn 
based on that of Chang et al [16J. It considers four different kinds of damage (Fig. 7), each with a 
damage parameter dj. When the value of the parameter is below unity, it is considered that no damage 
exists, whereas above unity, the material will lose stiffness in certain directions. These are enumerated 
below. 

" L~,.":i/;~·<.·~I/~~-I _·;&:7 
1 --.....:.' .. j 

1 ,-'01! 

Figure 7: Failure modes. 

Fibre failure: 

where the constants XT and Sf are characteristic of each material and represent the resistance in 
each direction. On failure, the materia! !oses its rigidity in all directions. 

Matrix cracking: This is the first of the two that simulate the breaking of the matrix - shear 
fracture perpendicular to the fibres in the plane of the laminate. 

in which YT, 812 and Sn23 are constants of the material. On failure, the strains (J22 and 012 are 
eliminated. 

Matrix crushing: Material breakage under compression. 

d
mc 

= ~ (0'2?_) 2 + Yc . 0'22 ,,22 + (0"12) 2 
- 4 S12 4· Sr2 Yc S12 

where Yc is another materia! constant. The stress e!iminated by crushing is Oz2· 
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Delamination: This is the form of breakage that weighs most heavily in reducing the mechanical 
strength since it is the most likely form of fracture, the weakest zone being the interlaminar. 
Delamination occurs when stress is applied perpendicularly to the laminate. 

'With 0"33 ::: 0 

The constants in this equation are 2;.,8 123 and 8 31 , The stress eliminated are 033, 023 and a13' 

STATIC SIMULATION 

We used the ABAQU8/Standard code to calculate the thermal stresses, taking the curing temperature, 
170 °C, as that of free stress state. The strains should be fairly high since the coefficients of thermal 
dilatation are very different in the fibre direction and in the perpendicular direction, and this difference 
increases as the temperature is reduced (Fig. 6). 

It seems that matrix cracks contribute little to energy absorption or to a reduction of the residua! 
properties. However [5], before delamination at the ply interfaces, the damage process is initiated by 
this matrix cracking failure mode. We observed large differences in the contours of matrix cracking 
between those at room temperature and those at cryogenic temperatures. The magnitude of this 
parameter at T=25 °C is not significant in any ply (about 0.04, Fig. 8), but at T=-150 °C is rises to 
about 0.5 and gives rise to faster damage development on impact 
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'".- -, ~\ ,,~-~-.-.-- ,,";;;",= 
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I 

~ .. 
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Figure 8: Values of matrix cracking damage at -150°C (left) and 25°C (right) due to thermal stresses. 
Ply +45 (top left), ply -45 (top right), ply 0 (bottom left), ply 90 (bottom right). 

To study the progress of damage during high-velocity impact, we simulated it with the finite element 
programme ABAQUS/Explicit. Large deformations, and even perforations, appear in this analysis, so 
we had to establish a criterion to eliminate elements. 

!t is clear from the models described above that fibre failure is the only type of damage that nullifies 
the capacity of resistance in every direction, so we chose this stress as a condition for erosion. And 
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given the brittleness of the CGRPs, we adopted also a deformation criterion on the basis of equivalent 
strain. 

When either of these variables - (fibre failure or equivalent deformation) - reaches a limit value, the 
element is eliminated by the user sub-routine. 
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Figure 9: dynamic simulation 

From the results of this simulation we were able to calculate the residual velocity of the projectife in 
cases of perforation. The Figure 9 shows that the ballistic limit forecast by the model is around 100 
mis, very smilar to our experimental finding. We also obtained final contours of the fibre failure at 
different impact velocities. 

70 m/s 200m/s 600 m/s 

Increasing impact velocity 

Figure 10: Contour of fibre failure for different impact velocities. 
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CONCLUSION 

CFRP laminates are susceptible to damage after impact. It is often difficult to localize the damage, 
which can have a strong influence on the mechanical properties of structural components. This 
explains the interest of studying the parameters that affect the type and the extension of the damage. 

OUf study of the effect of impact velocity and temperature on the mechanical response of CFRP 
laminates shows that low temperatures detract from the impact behaviour of the laminate as a result of 
high in-plane thermal stresses. OUf tests showed a damage saturation effect as the velocity increased 
above the ballistic limit; in this velocity range, temperature has no influence on damage extension. For 
aeronautical and aerospace applications, in which velocities can exceed those considered in this 
paper, the damage extension could well be determined from impact tests at room temperature. 

The Chang-Chang model predicts realistic damage trends in a CFRP laminate subjected to high 
velocity impact. The ballistic limit is well reflected in this numerical model. 
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Analysis of the numerical instabilities in the 
hydrocodes when using an elasto-viscoplastic 

behaviour. 

ABSTRACT 

Pierre Mouro 
PSA Peugeot Citroen 

Gerard Gary 
LMS Ecole Poly technique 

An analysis of instabilities observed in numerical integration made with hydrocodes is made in this 
paper. This instability mostly affect the calculated strain-rate inside the elements. It is shown that it is 
due to the approximations used in the integration scheme in order to minimize the time consumption. 
A stability criterion is proposed. It is the generalization of the Courant condition to viscoplastic 
unloading situations. Some solutions are evaluated, including those used in commercial hydrocodes. 

INTRODUCTION 

In order to simulate the response of metallic structures under dynamic loading, it is usually necessary 
to take account of the viscous property of materials such as steel. In the commercial hydrocodes such 
as "Radioss" or "LS-DYNA" the constitutive models that are available are based on the classical 
elasto-plasticity theory. In order to integrate step by step the constitutive equations they use 
approximate schemes. The aim of this paper is to examine the effects that these algorithmic 
approximations induce and, in particular, how they can lead to numerical instabilities. A more detailed 
presentation of this work is found in [Mauro, 2002]. 

GENERAL DESCRIPTION OF THE CONSTITUTIVE MODEL 

In the frame of the classical plasticity theory, it is assumed that the loading produce a plastic flow 
when a given level of stress is reached. This plastic flow is assumed incompressible. After unloading, 
a residual strain is observed. This assumption induce that the strain-rate tensor is written in the form of 
an elastic part and an added purely deviatoric non-elastic part [Hughes, 1984}. 

Most of tests are conducted under uniaxial loading. Consequently, a simple way to describe the 
constitutive law is to assume the validity of a yield criterion and to define a simple scalar relation 
between "equivalent" (related to the chosen plasticity criterion) mechanical parameters that are the 
stress, the strain and the plastic strain rate. For technical reasons, this relation is generally given by a 
function k written in the general following form: 

k = [(a,e') (1) 

Due to the general lack of more precise information, the Von Mises yield criterion is chosen for purely 
numerical reasons. It is associated with an isotropic strain hardening. It leads to the following set of 
equations: 
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(2) 

(3) 

with; (4) 

Johnson and Cook [Johnson and Cook, 1983] have proposed the following expression for the function 
k. 

k(p,P) = (A+ Bp")(1+ Cln( L» 
Po 

(5) 

In this law, five parameters 0, B, n, C, Po) have to be determined. This constitutive law is probably 

the one the more generally used in numerical crash simulations. Its limitations are related to two mains 
points: 

the stress and the strain rate are increasing (or decreasing) in the same manner. It means that an 
increase of the stress with the strain rate automatically induces an increase of the strain 
hardening. 

The relation between the stress and the logarithm of the strain rate is bi-linear. It does not permit 
to describe correctly the real experimental situation over a large range of strain rates. 

Nevertheless, it appears as a good compromise between a relatively easy identification of its 
parameters and an acceptable description of the behaviour of real metals. This law will be considered 
in the following as it does not interfere with the general purpose of this paper. 

ANALYSIS OF THE NUMERICAL INSTABILITY 

ALGORITHMIC OF HYDROCODES. 

In commercial hydrocodes, the global integration scheme introduces the question d the constitutive 
law of the material in the following context: 

At a given step, the strain rate tensor is known and is assumed to be constant during the 
corresponding time step. All other mechanical values are known at the previous step. The only 
remaining values to be calculated at the present step (step n+1) are the components of the Cauchy 

stress tensor (J ij (n + 1) . 

INTEGRATION OF CONSTITUTIVE EQUATIONS 

The integration scheme is known under the name of "radial return scheme". It has been developed by 
Wilkins [Wilkins, 1964] in the case of perfect plasticity and generalised (to the case with strain 
hardening) by Krieg R.D and Krieg D.B [Krieg and Krieg, 1977]. 

[n order to use it with strain-rate sensitive models the following hypothesis is u;ed. The equivalent 

plastic strain-rate (£p) is taken equal to the total equivalent strain rate (£) as it is known at the 

beginning of the time step. 

In a first step, it is assumed that the strain increment is purely elastic. The stress is then computed and 
it is checked whether this assumption was valid or not by comparison of this computed stress with the 
known yield criterion. When the computed stress is greater than the criterion, the strain is split in two 
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parts: an elastic part and a (purely deviatoric) plastic part. From this consideration, a relation is 
obtained for the deviatoric part of the stress tensor, between the estimated stress and the one to be 
calculated. 

(6) 

The plastic strain increment is then directly calculated by the normality rule. This rule (the plastic 
stress increment is in the direction of the vector orthogonal at its origin to the yield criterion) gives an 
equation to be added with a second one given by the combination of the Von Mises criterion and an 
isotropic strain hardening. Both equations allow for the calculation of the two unknown arguments in 
equation (6). The calculation of the increment of the equivalent plastic strain is made easy with the use 

the linear expansion of the k function around the known value of E p (n) , the second argument of this 

function being constant. The final equivalent total plastic strain is then obtained. The components of 
the deviatoric stress tensor are deduced by a simple homothetic transformation. 

SHOWING THE INSTABILITY. 

A finite element calculation is made for the simple case of a pure traction test. The specimen is 
meshed with shell elements in plane stress. The specimen is loaded at one end with a speed given in 
the following form: 

vet) = v(O)e" (7) 

The other end is fixed. A tensile state at a constant strain rate "K is rapidly obtained in the specimen 
(when the parameters are correctly chosen). 

Two simulations are made. In one simulation, a strain-rate sensitive model is used. In a second one, 
the model is not strain-rate sensitive with a choice of fixed parameters giving a correct behaviour at 
the strain rate of the test. 

In fig 1, the stress and the cumulated plastic strain are shown for an element in the middle of the 
specimen. 

Stress Plastic strain 

., elasta-plastic 

I. 0.02 

0.01 

400 Time (~s) o--·~-· 200 400 Time (~s) 

fig 1a. Stress in an element fig 1 b. plastic strain in an element. 

The viscoplastic model (strain-rate sensitive - grey curve) gives a noisy stress response which is, in 
average, slightly greater than the one of the purely plastic model. For the stresses, the difference is 
small. The situation is completely different when considering the total plastic strain which is smaller in 
the case of the viscoplastic model. Moreover, its increase is not exactly smooth as it should be 
expected from the chosen loading. 
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ONE DIMENSIONAL ANALYSIS. 

The response observed above using the program Radioss is now reproduced by means of a one
dimensional totally open explicit code - hydrocode -(written i1 "Matlab" language). The specimen is 
divided in four elements. The last node is clamped while a sinusoidal speed is applied at the first node, 
in order to reach rapidly an equilibrium state (stress and strain fields constant in the space domain) 
and a time dependant strain-rate. After half a period, the speed of the first node is set to zero. It 
induces then a relaxation process. The calculation shown in fig. 2 (underneath: showing the stress, 
the plastic strain and the strain rate) is made with a time step 40% smaller than the time step given by 
the stability condition (Courant condition). 

Plastic strain % 

2.0 
1.6 

1.5 
1.2 

1.0 0.8 

0.5 0.4 

o 5 100 150 200 Time(fls) 

Effective strain rate 1) 

-400 

o 50 100 150 200 

fig 2a: (upper left) : stress fig2b: (upper right) plastic strain 

fig 2c. (middle) : strain rate. 

These figures (2a and 2c) show that an instability appears very early, in the phase of viscoplastic 
loading. The same features as observed in the calculation with Radioss are seen: the strain rate is 
very noisy (the average strain rate is 100 and the amplitude of the noise is close to 1000), and the 
cumulated plastic strain shows an irregular increase, reaching a maximum around 1.73%. 

When the time step is reduced under the same loading conditions, it is observed that the unstable 
response is delayed, It can then be verified, in a more precise manner, that the unstable response is 
initiated when the calculated stress is outside an interval defined, in the incremental process, in the 
following way: 

[,,- = ,,(t) -l(.,.,/dt (8) 

!' 
where Kerf! "'" P ~ 

(dtm/cul )-

(p mass density, dtmklfl time step, I element size) 
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It shows that a viscous unloading can introduce a tangent modulus the absolute value of which is 
greater than Young's Modulus. Consequently, the stability condition required for the integration 
scheme is more severe that the Courant condition alone. 

The link between the numerical instability and the stability condition of the numerical scheme clearly 
appears. Nevertheless, one can find surprising that such an event happens in the studied example 
where the applied strain-rate is softly changing under a state of equilibrium. The rate sensitivity of 
steels is indeed relatively weak and should require a significant strain-rate step to induce an unloading 
leading to the violation of the stability criterion. 

It is then worth showing that, in the present conditions, this breaking is not a consequence of the real 
loading situation but a consequence of the approximations used in the integration scheme. In 
particular, it is related to the integration scheme used to describe the material behaviour. 

SOLUTIONS FOR THE INSTABILITY PROBLEM. 

SOLUTION PROPOSED IN RADIOSS 

The program Radioss (in its version 4.1) proposes to filter the strain-rate used as an argument in the 
stress calculation scheme. Using this modification (and by comparison with fig.1), the stress and strain 
history appear to be improved in fig. 3. 
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Fig 3a (upper left):stress 
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Fig 3b (upper right) : plastic strain 

Fig 3c (middle) : strain rate. 

The main negative effect of this correction is the phase shift (shown in fig. 3c) between the applied 
strain rate and the one finally used in the calculation. 

The final plastic strain (1.48%) is very close to the final plastic strain obtained with the basic 
calculation when a small enough time step is used to prevent the instability. 
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-------------------------------- ------------------------------

SOLUTION PROPOSED BY NEMAT-NASSER 

Nemat-Nasser and Li [Nemat-Nasser and Li, 1992] have proposed an alternative integration scheme 
which avoids the simplifications of the classical one when dealing with a viscoplastic step, 

The method is based on the following analysis: In a situation where the stress increment is mostly 
viscoplastic, the stress given by the elastic trial is far from the solution. It is then more natural to use a 
viscoplastic prediction of the stress (viscoplastic trial). The viscoplastic increment of the total strain is 
then given by the routine dealing with the constitutive law. A correction taking account of the elastic 
strain is added afterwards. 

It is shown in 1ig.4, under the same loading conditions, that this method gives a nice result. 

Stress Plastic strain (%) 
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0.5 0.4 
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Strain rate (s-l) 
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100 ~"~ 

o 100 200 Time (~lS) 

Fig 4a (upper left):stress Fig 4b (upper right) : plastic strain 

Fig 4c (middle) : strain rate. 

The final plastic strain reaches here the value of 1.45%, very close to the estimated ideal one. 

INTRODUCTION OF A CONVERGENCE CRITERION. 

There is not a major reason to reject the use of the elastic prediction provided that it leads to a solution 
close enough to the theoretical one. It is then necessary to use a convergence criterion. This is done 
by means of an iterative scheme. A scalar equation in which the solution is the unknown parameter is 
then solved using the Newton method. This method is available in the DYNA-3D explicit code. Its only 
limitation is that it is more time consuming than the others. 
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CONCLUSION 

In fig 5, a comparison between the 3 proposed methods is shown. Considering this figure, the 
following remarks arise: 

The approximation made with the standard integration method for the constitutive law does not 
introduce a significant error in the loading phases. 

The numerical instability is due to the fact that the stability condition (generalized Courant condition) is 
not verified because of algorithmic reasons. Anyway, it only induces small errors in the global 
response. 

All the corrections introduced in this study hduce a stronger resistance in the element where a 
relaxation occurs. 
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Fig. 5. Comparison between the three correction methods. 

This study shows that the formulation of the viscoplastic behavior used in the hydrocodes is 
mechanically correct. In most cases, the oscillations observed in the strain-rate are only due to the 
approximations used in the integration scheme in order to minimize the time consumption. This effect 
could induce significant errors in a problem where a general structural instability could appear (Iocal
global buckling) but it does not induce very important errors in most industrial situations. 

REFERENCES 

T.J.R. Hughes. Numerical implementation of constitutive models, rate independent deviatoric 
plasticity. In Theoretical Foundation of Large-Scale Computations for Nonlinear material behavior, 
Martinus Nijhoff, pp 29-63, 1984 

G.R. Johnson and W.H. Cook. A constitutive model and data for metals subjected to large strains, 
high strain rates and high temperatures. In Proc. ih International Symposium on Ballistics, The 
Hague, Netherlands, pp 541-547, 1983 

R.D. Krieg and D.S. Krieg. Accuracies of numerical solution methods for the elastic perfectly plastic 
model. Trans. ASME, J. Pressure Vessel Technology, vol 99 pp 510-515, 1977 

P. Mouro. Comportement dynamique des tales d'acier pour Ie calcul de crash. These de rEcole 
Polytechnique, 2002 

S. Nemat-Nasser, Y.F. Li. A new explicit algorithm for finite deformation elastoplasticity and 
e!astoviscoplasticity : performance evaluation. Computers & Structures, vol 44 n05 pp 937-963, 
1992 

M.L. Wilkins. Calculation of elastic plastic flow. Meth. Comput. Physics, vol 3, 1964 

137 
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ABSTRACT 
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A study has been undertaken at unit gravity in the laboratory as part of a larger multi-gravity test 
programme in a large geotechnical centrifuge, to simulate the consolidation of a soil bed by dynamic 
compaction. This was achieved by allowing a tamper mass of 875 gm to fall through 100mm onto a 
stiff aluminum target, having a mass 268 grn and a diameter of 1 DOmm. Since the frequencies 
generated by this process are very low the dynamic stiffness derived approximates the static value 
derived from a monotonic load test. The results of this experiment were validated by the application of 
a numerical model to simulate a static load test to derive a static stiffness. This paper shows that even 
at unit gravity with the influence of soil surface covering the stiffness obtained in the impact test by 
Fast Fourier Transform analysis (WAK Test) and the stiffness by static load test by numerical method 
are reasonably close. 

INTRODUCTION 

Dynamic compaction is defined as the densification of soil deposits by means of repeatedly dropping a 
heavy weight onto the ground surface. Historically this has been achieved by dropping a weight of 
between 5 and 30 tones through a height of between 10 and 40 metres onto the ground surface in a 
predetermined pattern over the area to be treated (Merrifield et ai, 1998). 

A recent development of this process is the Low Energy Dynamic Compaction (LEDC) method which 
has been developed for the rapid improvement of a foundation soil to a modest depth. It is termed 'low 
energy' because the energy input per blow is low compared with that imparted by traditional dynamic 
compaction techniques. The field apparatus for this method was designed originally for the rapid repair 
of bomb damaged airfield runways, but later adopted as a method of ground improvement (Allen, 
1996). 

MODEL PREPARATION 

A soil bed of fine Mersey River sand (D50=0.2mm, Coefficient of uniformity, Cu=1.5) was constructed 
by dry pluviation into a rigid model container having sides of 580mm and a depth of 460mm. The 
model comprised a uniform bed of loose sand having a relative density of about 38%. A stiff aluminium 
target (dia.=100mm), instrumenteo with an accelerometer active in the vertical axis, was placed on the 
sand surface at the location of impact. Impact was applied to this target by a pounder instrumented 
with a dynamic load cell. High frequency signals were buffered by covering the target with a thin 
rubber sheet. The frequency of impact in this test was of the order of 0.01 Hz (Parvizi & Merrifield, 
2000). In addition the soi! bed surface was covered by a thick rubber sheet to prevent soil disruption 
during application of the dynamic load. This sheet also was used to locate the target on the point of 
impact. 
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ANALYSIS 

An adoption of the Wave Activation Stiffness (K) or WAK Test, a non-destructive test originally 
designed to assess the static stiffness of soil beneath a rigid footing (Briaud and Lepert, 1990), 
developed further by Allen (1996), was used to predict the increase in static stiffness of the targeUsoil 
system, the mass of the vibrated, system damping coefficient and the depth of improvement due to the 
dynamic compaction (Parvizi & Merrifield, 2002). 

The test was performed by applying a blow of known magnitude to the rigid target or footing near its 
centre. This impact caused the footing and soil immediately beneath it to vibrate. The velocity signal of 
this vibration, derived from the accelerometer data, and the force input signal from the drop weight 
were used to calculate the frequency response function by taking the ratio of the Fourier transform of 
the response of the response signal, v(t) , to the Fourier transform of the input signal, F(t). This transfer 
function is a measure of the mobility, v/F, of the system. 

This analysis, which assumes a single degree of freedom system to model the footing/soil behaviour, 
is used to determine the internal damping of the system, C, the stiffness of the soil underlying the 
footing, K, and the theoretical mass of soil and footing, M, which contributes to the behaviour of the 
system (Tschirhart & Briaud, 1992), In the calculation of the transfer function account was not taken of 
the influence of the thick rubber sheet covering the soil bed surrounding the target. At low stress levels 
characteristic of those found in mesoscale experiments at unit gravity this would have tended to 
overestimate the stiffness of the system. 

o 

Pounder 

'-.L_ Dynamic Load Cell 

Influence 
Area 

Soil 

560mm 

Aluminum Target 

Centrifuge Slip'Rig 

Transient Recorder 

Figure1. The WAK Test applied and model box to LEDC in the centrifuge 

Measurement by the load cell of the input force, F, due to the impact of the falling drop weight and 
resultant acceleration response of the target measured by an accelerometer placed on the target itself, 
provided the required output data for the analysis. 
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Figure 2.Typical impact data and parameters derived from the WAK Test, blowS. 

The stiffness of the soil and drop~weight combined system, the mass and the damping of the system 
are expressed by expansion of the transfer function, i.e. 

co 

(Tshirhart & Briaud, 1992;Allen et ai, 1994) 

Differentiating with respect to frequency and setting to zero gives the relationship between K, and M at 
the undamped natural frequency of the system fl\" i.e. 

1 o 2 
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Hence; 3 

Substituting equation 3 into equation 2 gives 

I 
v I 1 -(w) ~-

F "'~(On C 
4 

Investigation of another point on the curve, i.e. Ul, I; ( (0 t,.,", allows the calculation of the mass, M, 

by the solution of equation 1, and K by subsequent substitution into equation 3. 

The theoretical depth of influence (0) due to the dynamic loading may be calculated by assuming a 
volumetric characteristic for the mass of soil contributing to the vibration. This is normally assumed to 
be truncated~sphericaL Since the transient signal is aperiodic it is necessary to represent it by means 
of a discrete Fourier Transform. Using Mat!ab, a commercially available signal-processing package, 
the transfer function derived from the experimental data may be found (Parvizi, 1999). 

Likewise the coherence function may be determined to assess the reliability of the data. A value of 
unity for the coherence fUnction wi!! be returned for a perfect relationship between input (Fm) and the 
output (vw) signals. 

Since the transfer function is inevitably irregular an iterative process of curve fitting was used to 
determine the best-fit values for K, M and the damping factor, C (Tshirhart & Briaud, 1992). 

Figure 2 shows typical data (force input, F and accelerations output, a) and derived transfer function 
for a single blow (blow 5 in a series of blows). From these data the average mechanical properties for 
first five blows are; soil stiffness, k = 1.646 X 103 kN/m, damping factor, C = 1640N/m/sec, mass of 
vibrated soil, M = O.6993kg and depth of improvement, D = O.0815m. 

Figure3. Schematic mesh for monotonic load test 
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NUMERICAL MODELLING OF THE MONOTONIC LOAD·DISPLACEMENT TEST 

The mesh describing the soil bed and footing system in 3-D developed for the FE analysis has been 
prepared by the ANSrS software package for monotonic load test (see Figure 3). The monotonic load 
test was simulated by the application of a series of load steps. Each load step was equal to 5N and for 
each step the displacement was recorded (Figure, 4). The static stiffness of the system was derived 
from the slope of the load-displacement curve at low loads magnitudes. 

Figure 4. Contours of typical displacement due to monotonic loading (load step F = 5N, displacement 
= O.134E.4m) 

N UMERICAL RESULTS 

It was assumed that within the load range the so'll behaviour was linear-elastic. The load-displacement 
curve is plotted in Figure 5, confirming this assumption. The stiffness calculated from this relationship 
was K"umerical:::: 1.12 X 103 kN/m. Comparison between the value of k derived from the WAK test with 
that from the numerical model is shown in Table 1. 
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Figure 5. Load-displacement curve for the static load test numerical model 
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Table 1, Stiffness from the WAK Test compared to that from the numerical model. 

KWAKTest KNllmerical model KWN( Test/~umerlcal model 

kN(m X 103 KNfm X 103 

1.65 1.12 1.47 

CONCLUSIONS 

This paper shows that notwithstanding the influence of a rubber sheet restraining the soil bed 
displacement at unit gravity, in essentially a multi-gravity test programme, the stiffness obtained in an 
impact test by a Fourier transform analysis (WAK Test) and the stiffness derived from a static load test 
by a numerical analysis (ANSIS) are reasonably close. 
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Numerical simulation of strain rate behavior of high
strength steels for impact applications 

ABSTRACT 

N. Peixinho; A. Pinho 
University of Minho 

N.Jones 
University of Liverpool 

This work presents results of tensile testing of a Dual-Phase steel in view of obtaining properties for 
constitutive models, namely Johnson-Cook equation and a modified version. Mechanical properties 
were obtained at strain rates ranging from 0.0001 to 141 Is. Coefficients for the studied constitutive 
equations were determined and the models were critically analyzed regarding their suitability for use in 
numerical simulation. 

INTRODUCTION 

The knowledge of material behavior in dynamic loading should be translated to constitutive models 
capable of providing a description of that behavior in analytical or numerical calculations. Hence the 
study of constitutive models is currently of interest for this subject. The Johnson-Cook model is widely 
used in crashworthiness simulations in codes such as LS -DYNA and was therefore selected. A 
modified version was also used in this study with the intent of evaluating its ability to provide a more 
accurate description of the stress-strain response for a broader range of strain-rates. 

Obtaining coefficients for these material models is of particular interest in the case of Dua[-Phase 
steels because this material is a strong candidate for use in crashworthy components. The knowledge 
of the strain-rate dependence coupled with the efficient use of constitutive equations is a key factor for 
designing energy absorbing structures using high-strength steels. 

EXPERIMENTAL PROCEDURE 

This study examines a co[d-rolled Dua[-Phase steel, having the commercial designation: DP600. This 
type of steel is generally considered to have a good balance between strength properties and ductility. 
According to some authors, Dual-Phase steels also exhibit stronger strain rate dependence and higher 
values of absorbed energy at high strain rates than other high-tensile steels of the same strength [1,2]. 
Specimens were cut in the rolling direction from material supplied by SSAB. Material thicknesses was 
1mm. Tests were performed at different speeds using distinct techniques: 

1. Servo-hydraulic testing machine (DARTEC, 600kN capacity), existing at University of Minho, used 
for [ower loading speeds (0.01 mm/s) here referred as quasi-static loading. Values of engineering 
stress and strain were determined using the strain gauge load cell of the test machine (DARTEC, 
M1000 RD, 600kN), and a strain-gauge extensometer clip-gauge, SANDNER model EXA 100-10, 
with a gauge length of 100mm. Data were recorded digitally and stored on a personal computer. 

2. High-speed servo-hydraulic tensile testing machine (ESH, 50kN capacity), existing at University of 
Liverpoo[, used for speeds ranging from 50mm/s to 3000mm/s. The machine includes a s[ack-
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response bracket. allowing the pull-rod to accelerate before commencing to load the specimen. 
The internal measuring equipment of the ESH tensile testing machine included a vertical 
displacement transducer for the stroke of the pull-rod. Load measurements were performed using 
a piezo-electric load cell (Kistler model 93618). An optical displacement transducer (ZIMMER, 
model 200X-20) was used to obtain measurements of absolute displacement of contrast marks 
(flags) placed on the specimen. This allowed strain calculation. These flags were placed at the 
beginning of the head region of the test 'specimens. This was necessary in order to avoid 
excessive fluctuation of the signal when the flags were placed in the gauge length distance. To 
improve strain measurements in the initial phase of deformation strain gauges were attached to 
the main body. Output signals from the equilibrated Wheatstone circuits were amplified using 
Tektronix model AM502 amplifiers. Readings from the measuring systems were recorded using a 
transient recorder Kontron, model TRA-800 and subsequently analyzed on a personal computer. 
Strain gauges were also placed in the head of the specimen. Since this region remains elastic 
these gauges were used to determine load at higher speeds. By comparing head gauge and load 
cell signals at low speeds, a constant factor load signal/strain gauge signal was calculated. By 
knowing this factor and the strain gauge signal the load can be determined for higher speeds. Th is 
procedure is necessary because the load cell signal shows strong fluctuation at higher speeds. 
This method works well, and was confirmed by analysing data in regions where the load cell and 
head gauge signals do not present a significant variation. 

The nominal strain rates in the tests ranged from 0.0001/s to strain rates close to 150/s. The nominal 
strain rate was calculated by dividing the linear speed of the testing machine Vo by the parallel length 
of the specimen Lc according to equation (1): 

(1) 

EXPERIMENTAL RESULTS 

Results of quasi-static and dynamic uniaxial tensile tests are presented in figures 1 and 2. The 
strength values generally pre.sent a moderate variation with increasing strain rate. This. behaviour is 
expected conSidering the high strength values of these steels and the general decrease in strain rate 
dependence with increasing strength grades. 
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Figure 1. Variation of strength properties with strain rate 
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Figure 2. Variation of elongation to fracture with strain rate 

The evaluation of the elongation to fracture should be considered with care since different specimen 
sizes were used at quasi-static loading and higher strain rates. However it is evident that the steel 
does not suffer a degradation of ductility with increasing loading speeds. The observed increase of 
elongation at the higher strain rates was obtained in specimens with the same gauge length 
(GL=50mm). 

CONSTITUTIVE EQUATIONS 

JOHNSON-COOK EQUATION 

The strain rate behavior of materials is fequently described with the Johnson-Cook constitutive 
equation, in the original form [3]: 

(J = (A + Be" )(1 + Clne)(I-T'm
) (2) 

that contains five material constants, Le., A, B, n, C, and m, which are to be detennined. The first 
bracket in the equation is the strain hardening term, the second is the strain rate hardening term, and 
the third is the thermal softening term. r' is the homologous temperature represented by equation (3): 

T - 7;'oOTll 
(3) 

where T is the temperature of the specimen and T melt is the melting temperature of the specimen 
material. With the present results, the temperature dependence term was neglected since all the tests 
were performed at room temperature and the heat resulting from plastic strain is allowed to dissipate 
at this strain-rates. 

The strain hardening parameters A, Band n are determined at a strain rate of 1/sec. To determine 
parameter C in the second term a trial and error process was adopted seeking to find a good fit 
between the experimental true stress-true strain curves and the equation at intermediate strain rates, 
that is between, 1/s and 150/s. 
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In table 1 the determined constants are presented. Figure 3 compares the experimental results with 
equation (2) having empirical coefficients. The true stress~true strain curves presented do not include 
any correction for necking effects. In this case the analysis of results is valid only until the beginning of 
necking phenomena, usually near to the strain at UTS. 

Table 1. Constants in the original Johnson~Cook constitutive equation 

A B n c 
DP600 425 915 0.52 0.025 

Johnson-Gookmodel 
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Figure 3. Results of stress-strain curves modeUng using Johnson-Cook equation 

MODIFIED JOHNSON-COOK EQUATION 

After experimental testing with different steels, Kang et at. [41 suggested that the linear interpolation in 
the strain rate hardening term might not be appropriate for sheet metals. These authors suggested 
using a quadratic curve to interpolate experimental data, modifying the original Johnson-Cook 
constitutive equation to the following form: 

In figure 4 and table 2 the results of using equation (4) to fit experimental data are presented for the 
DP600 steel. 

Table 2. Constants in the Modified Johnson-Cook constitutive equation 

A B n 

DP600 425 915 0.52 0.018 0.0019 
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Modified Johnson-Cook model 
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Figure 4. Results of stress-strain curves modelling using Modified Johnson-Cook equation 

ANALYSIS OF RESULTS 

Modelling using the Johnson-Cook equation is usualJy a compromise exercise since one needs to 
choose for which range of strain rates the beUer correlation is required as it is not generally possible to 
obtain a good fit over a broad range of strain rates. In this case, the constants in equation (2) were 
chosen in order to obtain a better fit at stra'!n rates in the range 1-150 Is. With the tested steel a good 
correlation in the targeted range of strain rates was obtained. However, that was possible at the 
expense of a worse fit for the 0.0001 Is strain rate. 

The use of equation (4) is a definitive improvement in relation to the original Johnson-Cook equation. 
The principal benefit is the ability to incorporate strain rate dependence from strain-rates as low as 
0.0001 Is up to around 150 /s in our tests. This improvement is very useful for numerical analyses 
since the strain rate in a crushed component varies with the geometric location, it being possible to 
have at an instant very high localized strain rates and very Jaw strain rates at other locations. The 
results of using the modified Johnson-Cook equation were very encouraging. Figure 4 displays a 
remarkable fit between experimental results and the curves obtained with equation (4). 

CONCLUSIONS 

This work presented results of testing of a dual-phase steel at different strain rates. This material is 
considered a strong candidate for crashworthy applications. The experimental program for the tested 
steel revealed results of strain-rate sensitivity in accordance with the expected behavior of such 
material. Also the effect of strain rate in ductility is of interest for crashworthiness applications since 
the elongation to fracture does not decrease at the highest strain rates. The Modified Johnson-Cook 
equation showed improvements over the original equation, mainly in describing behavior at lower 
strain rates. 
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The role of experiments in the overall development of constitutive and damage relations used in 
numerical simulations is reviewed. The process of model development considered includes initial 
formulation based on the physics of material deformation and failure, calibration, validation and 
verification. Specific reference is made to deformation and failure algorithms that are currently used to 
describe material behaviour during high strain rate and impact loading. Recent results that involve a 
novel approach to the development of accurate numerical schemes for high strain rate and impact 
loading are presented. 

INTRODUCTION 

The availabifity of modern high-speed computers allows for the implementation of complicated, 
physically based algorithms into codes for solving complex problems involving the deformation and 
failure of engineering structures. Some examples that specifically involve high strain rate loading 
conditions include structural impacts, foreign object damage, metal-forming processes, ballistic 
penetration, and vehicle crash worthiness. Although it is possible to accurately simulate such 
problems numerically, experimental data is still required to characterise the behaviour of materials and 
verify the actual response of structures. The main ''perceived'' advantage of numerical analysis over 
experimentation is cost: It is generally accepted that numerically predicting the behaviour of an event 
is cheaper than performing an experiment. One must consider, however, the costs associated with 
the time and effort required in the development of accurate mathematical algorithms and performing 
the calculations. 

The algorithms used to describe the deformation and failure processes of materials require insight that 
can only be obtained through experimental observations. This is the case whether the algorithms are 
highly empirical, analytical, or completely theoretical in nature. Once a model has been formulated, 
precise experiments must be performed in order to measure the physical parameters required to apply 
the model to specific materials. The model should then be validated against experimental data, 
otherwise it cannot be used for predicting the response of structures exposed to complicated loading 
conditions with any confidence. 

In this paper, a brief overview of deformation and failure algorithms is presented. The role of 
experiments in the development of such models and the validation of their predictive capability is 
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discussed. Recent results involving numerical simulations of symmetric Taylor impact experiments 
are presented. 

DEFORMATION AND FAILURE MODELS 

The mathematical fonnulation describing the macroscopic response of a material to applied forces is 
known as a constitutive relation, or deformation model. In the most general form, deformation models 
relate the stress of a material to the strain, strain rate, temperature, and loading history experienced by 
the material. This type of relationship is applicable for ductile and brittle materials. In a similar fashion, 
failure, or damage models relate the current state of the material to the amount of damage that has 
accumulated throughout the deformation. Once a critical threshold is reached, the material can no 
longer withstand any stress and catastrophic failure occurs. The manner in which failure manifests itself 
in the calculation, depends upon the specific model. 

Under dynamic loading conditions, the failure process is strongly influenced by the state of stress, strain 
rate and loading history for both ductile and brittle materials. In reality, both the deformation of a material 
and the amount of damage accumulation are intrinsically coupled and interact on a fundamental 
physically level. As a result, it is ideal if the deformation and failure models used in numerical 
simulations are mathematically coupled. 

It is not possible for a single relationship to completely describe the deformation behaviour or failure 
process of a material for all combinations of loading conditions and histories. Depending on the intended 
use, availability of experimental data, and the desired accuracy of the description, a decision must be 
made as to the amount of effort to be invested. Typically, the effort required to describe the material 
behaviour is proportional to the degree of accuracy with which the governing physical mechanisms are 
modelled. 

DEFORMATION MODELS USED IN COMPUTER CODES 

Three of the most widely [1, 2, 3] used deformation models in numerical codes that do account for strain 
rate effects are the Johnson-Cook [4, 5], the Zerilli-Armstrong [6 - 9}, and the mechanical threshold 
stress (MTS) [10] constitutive relations. The Johnson-Cook and the Zerilli-Armstrong constitutive 
relations are relatively simple, one dimensional models that account for the effects of strain, strain rate, 
and thermal softening on flow stress and utilise a von Mises yield criterion [1, 2, 3]. They both describe 
the material hardening behaviour based m the well-known power-law function introduced by Ludwick 
[11J. That is, 

CJ=CJo+K·£" (1 ) 

where, CJo' K, and n, are material constants. 

The Johnson-Cook constitutive relation is an empirical relation that is relatively simple to calibrate for a 
given material. That is, very few experimental results in the form of stress-strain curves covering the 
loading conditions are required to determine the parameters. It is relatively easy to implement into 
computer codes, inexpensive to use and produces reasonably accurate predictions for a range of 
materials if loading conditions do not exceed those used to determine the material parameters. 

The Zerilli-Armstrong constitutive relations are semi-empirical models based on the concept of 
dislocation dynamics. Separate relations were developed to describe the deformation behaviour of 
copper, which is FCC, and iron, which is BCC. A subsequent relation was introduced for HCP 
materials, which generally exhibit behaviour between that of BCC a1d FCC materials. Overall, the 
Zerilli-Armstrong relations tend to give a slightly better correlation to experimental results when 
compared to the Johnson-Cook relation [1, 3]. The Zerilli-Armstrong relation, however, requires 
slightly more data to calibrate than the Johnson-Cook relation, but is stiU relatively easy to implement 
into computer codes and inexpensive to use. Similar to the Johnson-Cook relation, however, it is not 
very accurate when used outside of the range of loading conditions that it was calibrated for, or for 
large strain calculations [3]. 
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The MTS relation IS a more advanced and physically based model that relates the macroscopic 
mechanical response of a material to microscopic properties [10]. It accounts for the evolution of sub
structures as a function of plastic deformation and loading history. It generally is more accurate than 
both the Johnson-Cook and Zerij]j-Armstrong relations. Once it is calibrated for a particular material, it 
can be used to accurately predict deformation outside the range of calibration loading conditions [3], 
which has been attributed to the form used to represent the work hardening behaviour. Rather than use 
a power-law form [11], which yields a continuously increasing stress for increases in strain, the stress 
function "saturates" to a maximum level for increasing strain. This concept was based on the 
observation [12] that at large strains most metallic materials tend to approach a finite "saturation stress", 
or approach a constant, but small hardening rate at large strains [13, 14]. It should be noted, however, 
that the form of the equation used to describe the work hardening behaviour is not strictly physically 
based and, therefore, the MTS relation is also semi-empirical. 

The maIn disadvantages of the MTS relation are that it requires an extensive experimental data base to 
determine the material parameters, it is more difficult to incorporate into computer codes and more 
computationally expensive. 

Another classification of deformation models that are used in problems involving high strain rate 
deformation are unified viscoplastic relations. These relations are generally formulated in three
dimensions and are based on the decomposition of strain rate into elastic and plastic components, 
where the plastic strain rate is time dependent and can represent all possible non-elastic material 
processes. Significant experimental effort is also required to characterise these models for a given 
material. The main disadvantages of viscopJastic relations, however, are that they are more difficult to 
incorporate into codes and require iterative solutions making them computationally expensive. 
Consequently, they have seen limited use in codes utilised for high strain rate material modelling [1]. 

FAILURE MODELS 

The response of a material or structure to extreme external forces is dramatically affected by the 
manner in which damage accumulates during deformation. In numerical simulations, nucleation and 
growth of damage leading to ultimate failure is calculated using a failure model. Although the process 
of dynamic failure has been extensively studied over the past few decades, it remains as one of the 
most challenging fields in physics, materials science and engineering due to its complex nature. As a 
result, most of the models introduced to date are empirically based and require large amounts of 
experimental data to characterise parameters for individual materials. This results in limiting the range 
of applicability and further increases the need for experiments to verify the accuracy and predictive 
capability. 

During dynamic or impact loading, metals generally fail under tension due to microvoid and microcrack 
growth. This applies for both ductile and brittle metals. Non~meta!!ic, brittle materials like ceramics, 
however, typically fail in a compressive mode. Shear banding is another failure mechanism that 
occurs in metallic and non-metallic ductile materials subjected to high strain rates. During dynamic 
loading, plastiC work is converted to heat. If the materia! and loading conditions are such that the heat 
is not conducted away fast enough, deformation can localise along narrow regions, or bands, known 
as shear bands. 

Regardless of the material type or level of ductility, failure algorithms used in cedes can be loosely 
grouped as either (i) instantaneous failure models, or Oi) damage evolution models. 

Instantaneous failure models are based on the simple idea that once some critical value of stress or 
strain is reached in the material, failure occurs instantaneously. This technique is employed in 
numerical codes by physically separating the material once the critical threshold is reached. In 
contrast, failure occurs in a progressive, continuous manner in damage evolution mode!s. 

Damage, in the context of failure algorithms, is generally defined as the total amount of void content 
per unit volume in a material and depends on stress, plastic strain, plastic work, pressure, strain rate 
and temperature. As the damage level increases, the effective cross-sectional area of load-bearing 
material is reduced, thereby decreasing the overall load~carrying capacity. The amount of void 
nucleation, growth and coalescence is based on the current state of the materiaL The state of the 
material is then updated in the deformation model based on the newly calculated level of damage. 
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The deformation and damage models are, therefore, coupled providing a positive feed back 
mechanism to determine the overall response of the material. 

An extensive review of both deformation and failure models covering classical works and recent 
developments is provided in [1]. 

THE DEVELOPMENT, CHARACTERISATION AND VALIDATION OF MODELS 

Experimental observations provide insight into the physical aspects of deformation and the process of 
failure that are invaluable in the development of mathematical algorithms. Such information is 
generally used as the foundation whether the model is highly theoretical or completely empirical. 
Once the foundation of a model has been constructed, precise experiments focusing on individual 
physical phenomena further extend the understanding of the underlying physics and are required to 
quantify the critical parameters in the model. 

The behaviour of materials under high strain rate loading conditions can be investigated through the 
use of a fairly large number of experimental techniques. An excellent review on the general subject 
can be found in [15]. The techniques most commonly used to obtain precise data for the 
characterisation of materials, however, are based on two experiments: the Kolsky pressure bar, or split 
Hopkinson bar experiment, and the plate impact experiment. These experimental techniques provide 
data in strain rate regimes of 102_104 

S -1 and 104 _107 s -\ respectively. . 

Ideally, models should be developed and the materials characterised for the range of conditions that 
the materia! will be subjected to in the actual event of interest. In this circumstance, the deformation 
and failure models are not forced to extrapolate the behaviour of the material into regions that have 
not been verified. Generally, this is not possible due to the large range of loading conditions and 
complex material states associated with dynamic events. As a result, it is imperative that the models 
are validated to assess the true predictive capability outside the range of conditions that they were 
developed. 

Accurately predicting the deformation and failure of materials during high strain rate and impact events 
represents a major challenge for numerical simulations. The approach adopted by our group involves 
fully integrating material testing, simulations and precise experiments. This is accomplished by 
representing the underlying physics in a simple manner, thereby capturing the major mechanisms, 
rather than attempting to simulate the vast complexity of the micro-mechanics (dislocations, etc.) at 
the meso-scale. The methodology involves describing the material behaviour at the computational cell 
level and the failure process within the cell analytically, thereby linking the macroscopic and 
microscopic scales [16, 17]. Although this nove! approach has been quite successful at predicting 
high rate deformation and fracture [18, 19], it is recognised that these algorithms must be exercised in 
order to understand the limits of applicability. The "symmetric" version of the classic Taylor test [201 is 
widely used for this purpose and can be designed to produce fracture along the axis of the specimen. 
In a recent investigation, symmetric Taylor experiments were performed and modelled in attempt to 
understand the limits of our numerical techniques. 

In that investigation, symmetric Taylor impact tests were performed on a proprietary material 
designated XM-copper, using a single-stage, light gas gun at the Cavendish Laboratory. The 
specimens were 12.7 mm diameter rods, 64 mm in length. The flyer rods were mounted in 
polycarbonate sabots and fired into stationary target rods at velocities ranging from 0.1 to O.5km S-1. 

High-speed photographic sequences were taken using a DRS-Hadland Ud. high-speed camera. 
Numerical simulations were performed using DYNA2D. The deformation behaviour of the rods were 
modelled using the Go!dthorpe path-dependent deformation model [21] and the process of fracture 
was calculated using the Goldthorpe path-dependent fracture model [16] defined by: 

dS = 0.67 exp(1.5cr" - 0.04cr;'5 )dc (2) 

Here, Cin is the stress triaxiality (pressure/flow stress), de is the effective plastic strain, and S is the 

damage parameter, which is incremented by S = S + dS. Fracture occurs when the damage 

reaches a critical value (SJ, which is obtained from analysis of the neck in a quasi-static tension test. 

154 



Fracture is accommodated by element removaL For iron and copper s:. is 5.4 and 4.7, respectively. 

The sabot was modelled using an elastic/perfectly plastic model with E= 2 GPa, v ::;;; 0.26, and 

Oy = 57 MPa. A mesh resolution study was conducted in an iterative manner producing a converging 

solution, based on the calculated stress within the rods. The sabot was modelled by fixing the nodes 
to the flyer rod using a tied slide line. 

Figure 1: Photograph of deformed target (top) rod at 26,' s after impact, and calculated 

profile/damage (impact velocity, Vo=255 m S·1). 

Simulations of the experiments were performed and it was determined that the deformed profile was 
accurately calculated in all cases and that damage evolution was complete within 1 0 ~t S after impact. 

Figure 1 shows a single frame of a high-speed photographic sequence at ca. 26 ~t S after impact for 

an experiment performed at 255 ms"1. Included in Figure 1 is the calculated profile and the 
accumulated damage from a simulation. It is interesting to note that the flyer rod (bottom) has 
deformed more along the impact face than the target rod, despite the fact that the incident stress wave 
could not have propagated to the end of the rod and reflected back. PosHest measurements of the 
impact face diameters confirmed this phenomenon. It is believed that the experimental configuration 
is non-symmetric in a momentum frame of reference, as reported in [19], and is causing the 
asymmetric deformation. Research efforts are ongoing in this area and will be presented in future 
publications. 

The damage accumulated along the centre-line of the specimen tested is shown in Figure 2b), 
Comparing Figures. 1 and 2b) it is seen that the mode! over-predicts the amount of damage. The 
general distribution of voids and the dimple on the impact face, however, is captured. Comparing 
Figures 2a and 2b), it is seen that the amount of damage increases as the impact velocity was 
increased from 200 to 255 ms·\ as expected. Analytical calculations showed that the stress system 
leading to fracture in the specimen is mainly due to the propagation of the plastic wave, However, 
current calculations show that damage occurs within 10 f1- s after impact and, therefore, is due to 

release waves arriving from the outer surface of the rods. A detai!ed study involving meshes fine 
enough to resolve all waves is underway. 
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b) 

Figure 2: Damage accumulation along centre-line of target rod from symmetric Taylor impact 
specimens for impact velocities (Vo) of a) Vo=200 ms-1 and b) Vo=255 ms-1

. 

CONCLUSIONS 

It is well established that experiments play a central role in the development of theoretical and 
phenomenological models used to describe the deformation and failure behaviour of materials. This 
role is enhanced when considering high strain rate and impact loading due to the increase in 
complexity of the state of stress imposed in the materials. Once a model has been developed, it must 
then be calibrated for the material of interest. Ideally, this process involves the use of extensive 
experimental data obtained over the range of applicable loading conditions. These models should 
then be \6lidated by comparing results from simulations with precise experimental data. These results 
should be obtained for loading conditions outside those used in calibrating the models to determine 
the predictive capability. Finally, by maintaining a close link between experiments and 
theory/modelling it is possible to refine models as new experimental techniques are developed. 
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Contribution of Computational Simulation to define 
the Design Drivers of a Pyrotechnic Device 

ABSTRACT 

Fabien RON DOT 
ISL, French-German Research Institute of Saint-Louis, 68301 Saint-Louis, France 

Results of a computational investigation on the parametric functional evaluation of a pyrotechnic 
separation device are presented. 

Examples are given of some design drivers and theif 'Influence upon stresses and strains induced in 
the structure. Using the erosion algorithm implemented into the Lagrangian finite element code LS
DYNA to deal with failure, results are also discussed in terms of rupture capability. 

A satisfactory agreement between preliminary experimental results and predictions suggests that the 
numerical approach has in fact been accurate in the modeling of the system functioning. Trends were 
drawn that give the ground rules to optimize the device. 

INTRODUCTION 

Use of a pyrotechnic expanding tube to separate two structures is a suitable solution for space 
applications. Indeed, two main advantages over a pyromechanical device can be argued: the tightness 
of the device and the limitation of the resultant shock. This technology is commonly used near by 
commercial load of space launchers. 

The expanding tube includes a stainless steel tube, a lead-hexogen detonating fuse and a stuffing 
material. A booster is used at each extremity to facilitate ignition. The tube is inserted inside a 
structure in order to separate it into two pieces. When initiated, the tube expands under effect of shock 
wave and gas pressure. It applies stress on the structure, and cuts it with regards to a weakened 
notched section. 

The system investigated has to do with the separation of equipment case. Numerical simulations are 
requested to give a parametric functional evaluation of the tube, to know more precisely the combined 
functioning of cutting, and particularly the influence of design drivers over the efficiency of cutting and 
resultant shock. 

NUMERICAL APPROACH 

Hydrocode calculations were carried out using the Lagrangian finite element code LS-OYNA20 [1]. As 
shown by Figure 1, the simulation involves the expanding tube and the two metallic sheets to be 
separated. A 20 plane geometry is selected: calculations are carried out for a section. The system is 
supposed infinite in the third dimension. Termination time was fixed to 40 ]JS after ignition of the 
explosive. 
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n Il!l!I Explosive 

IIIIIJ Lead 

0 Stuffing material 

~ Steel tube 

/ 0 Yoke 

0 Sheet-aluminum 

-- Notched section 

Figure 1. 2D plane geometry and details of the lagrangian mesh 

The pyrotechnic tube components are meshed using elements of size ranging from 0.1 x 0.1 mm2 to 
0.2 x 0.2 mm2. Around the notched section, the density of meshing is about 0.3 x 0.3 mm2, 

The assembling bolt between the yoke and the sheet-aluminum is treated as a continuity of structure. 
Common interface nodes over the bolt size are merged. 

The explosive is modeled using a JWL equation of state. Pressure "p" is related to specific relative 
volume V and internal Yolumic energy E as: 

p (V, E) ~A (1 -wi R,V) SR,V +B(1 -wi R,V) e'R,V + mE IV 

To take into account the physical release along the axis of propagation of the detonation wave, an 
instantaneous release of the entire section of the explosive is simulated. The explosive is modeled as 
a hydrodynamic material. The initial energy Eo is reduced by the quantity "Po (0,06 Dj' 12" [2J. 

Table I. Modeling of explosive 

JWL Parameters 
po A B 

Eo 
(g I em') 

(GPa) (GPa) 
R, R, (0 (GPa em' I em') 

1.55 503.14 15.16 4.94 1.38 0.40 9.15 

Inert materials are modeled using an isotropic-elastic-plastic constitutive law based on the Von Mises 
yield criterion. The Mie-Gruneisen equation of state, with linear shock velocity (Us) - particle velocity 
(up) relationship, defines pressure for compressed material as: 

p = po Co' 11 [1 + (1 - Yo/2) 11 - a 11'/2J 1[1 - (8 - 1)tJl' + (Yo + a 11) E 

and for expanded material as: 

p ~ po Co' 11 + (Yo + a 11) E 
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where C, and S are respectively the intercept and the slope of the Lk~up curve. 'Yo is the Gruneisen 
parameter at the ambient condition and a is the first order volume correction to yo. fJ is the reduced 
density (jJ:::: p J Po-1) and E denotes the internal energy. 

Figure 2 indicates the levels of strain rate recorded in the structure at selected times during a typical 
run. A more detailed examination reveals a peak of 3.1 105 

S·1, while the notched section suffers from 
a maximum of 1.2 105 

S·1. The IImean >! strain rate regime in the structure ranges between 2 104 
S·1 

and 4104 S·l. 

Parameters used in the simulations are listed in Table II. The constitutive law is fully defined with the 
shear modulus "G" and yield strength "yl1. The bulk modulus is set to "K:::: Po C02". 

Table II. Modeling of inert materials 

Material Po G y Co 
S 

(g f em 3
) (MPa) (MPa) (mfs) yo a 

Lead 11.34 8600 100 2092 1.452 2.74 0.54 
Nylon 1.14 770 50 2290 1.630 0.87 0 
Steel 7.80 77000 600 4570 1.490 1.93 0.50 
7075 2.80 26700 440 5200 1.360 2.20 0.48 

Figure 2. Fringes of effective strain rate (units in S·l) in the structure at selected times 

Interaction between the tube and the structure is treated using "eroding automaticll slideline. 

To deal with failure of the notched section, calculations are carried out using the erosion algorithm 
implemented into the hydrocode. Failure is approached by a user defined erosion strain, Le. critical 
plastiC strain required for an element to be deleted. Erosion strain of 80% is applied to the yoke. This 
value has to be explained as a local degree of elementary distortion of the mesh at high strain rates. 
Comparison with global values obtained from a classic static tensi!e test is not instructive. 

Different steps of the separation process are illustrated by Figure 3. Failure starts on the internal side 
of the notched section 10-15 ps after ignition of the explosive. The separation is achieved under 3 fJs. 

-..c_,; 

Figure 3. Typical separation process (less than 3 jis between first and last snapshots) 
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DISCUSSION 

The parametric investigation includes tube components (amount of explosive, type of stuffing material, 
thickness and lenght of the tube), structure characteristics (rigidity of the yoke, location of the notch) 
and technological aspect as the permissible clearance between the tube and the structure. 

AMOUNT OF EXPLOSIVE 

Figure 4 shows different results obtained from variation by as much as -30% to +50% around a 
selected value. A minimal amount of explosive is needed to achieve separation. The major plastic 
strain is observed at the vicinity of the notch. Near the bolt, 15 % of plastic strain is locally showed at 
termination time. 

When the amount of explosive is increased, failure of the notched section is initiated earlier. The 
shock transmitted to the structure is amplified and risk of tearing is not negligible near the bolt. 

Figure 4. Influence of the amount of explosive upon the Von Mises stress 15 IJs after ignition (top) and 
plastic strain induced in the structure at termination time (bottom). Increasing amount from left to right. 

TYPE OF STUFFING MATERIAL 

Due to differences in impedance and mass, the type of stuffing materia! has direct effects on the 
expansion of the tube (Figure 5). By replacing, for instance, nylon with lead, the separation occurs 
earlier, but stresses applied on the structure are more important, especially at the assembling between 
the yoke and the sheet (Figure 6). Another criterion has to be regarded: the ultimate mechanical 
strength of the tube. Fringes of plastic strain of Figure 7 exhibit a very distorted tube. Breaking is likely 
to happen, and as a result the tightness of the system would not be ensured. 
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Figure 5. Tube expansion vs. stuffing material: Nylon (left) and Lead (right) 

Figure 6. Effective stress at 15 f.ls and plastic strain at 40 f.ls: Nylon (left) and Lead (right) 

Figure 7. Tube distortion at 40 fis when stuffing materia! is Nylon (left) or Lead (right) 
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THICKNESS OF THE TUBE 

Keeping constant the external dimensions of the tube and the amount of explosive, the thickness 
parameter plays a minor role on the separation process (variations by 20% around a selected 
dimension were considered). Fringes of plastic strain of Figure 8 indicate that a thicker tube confers 
more homogeneity. The breaking risk of the tube, and consequently the perviousness of the system, is 
certainly more critic using a thin tube. 

Figure 8. Tube distortion at 40 J.1s (increasing thickness from left to right) 

LENGTH OF THE TUBE 

Shortening of the tube has a negative effect over cutting capability. Moreover, if the separation seems 
achieved more rapidly in case of an elongated tube, the structure is then strongly stressed, in 
particular at assembling zone between metallic sheets, as seen in Figure 9. An optimum length of the 
tube exists. 

Figure 9. Influence of the length of the tube. 
Variations by 20% around a selected value (middle) 
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RIGIDITY OF THE YOKE 

Keeping constant the width of the notched section, separation is not achieved with a too thin flank. As 
shown by Figure 10, the plastic strain is maximal near the notch, but the global expansion of the 
structure leads to levels ranging between 10 and 30 % in the central part. At the "bolt", up to 30 % of 
plastic strain is reached at the termination time. There exists an optimal thickness for the flanks of the 
yoke: 

- too thin and the flanks expand in a homogeneous way; 

- too thick and the tube expansion is dominated. 

Figure 10. Von Mises stress at 15 Jis and plastic strain at 40 f-ls depending on the rigidity of the yoke 

ALIGNMENT OF THE NOTCH 

Alignment of the notch with the tube is not worth the trouble. No failure is initiated and a larger part of 
the structure enters plasticity (Figure 11). The plastic strain is not only limited to the vicinity of the 
notch, The upper part of the yoke is also concerned (Figure 12). 

Figure 11, Effective stress at 15 IlS with in line notch (left) and out of line notch (right) 

165 



Figure 12. Plastic strain at 40 ~s with in line notch (left) and out of line notch (right) 

CLEARANCE BETWEEN THE TUBE AND THE STRUCTURE 

Clearance between the expansible tube and the structure is a crucial parameter. The more important it 
is, the more focused is the transmitted shock on the explosive centerline and the less loaded is the 
notched section. A permissible clearance can be predicted. Figure 13 shows that a 0.5 mm 
symmetrical lateral clearance is not acceptable, separation is not achieved. 

Figure 13. Effects of clearance: initial contact (left) and 0.5 mm gap (right) 

COMPARISON WITH EXPERIMENTAL RESULTS 

Using the same numerical erosion strain, the predicted limits in thickness of the notched section for 
different amounts of explosive were found to match the experimental results within a margin of 10%. 
This agreement suggests that the numerical approach has in fact been accurate in the modeling of the 
system functioning. One has to keep in mind the "warranted" reproducibility of numerical simulations, 
while the formula "other things being equal" is hardly, if not impossible, to be complied with during a 
series of trials. 

CONCLUSION 

A series of Lagrange simulations using an erosion algorithm was conducted to evaluate the influence 
of design drivers of a separation pyrotechnic device. The parametric investigation included tube 
components (amount of explosive, type of stuffing material, thickness and lenght of the tube), structure 
characteristics (rigidity of the yoke, location of the notch) and technological aspect as the permissible 
clearance between the tube and the structure. 

A satisfactory agreement between preliminary experimental results and predictions suggests that the 
numerical approach has in fact been accurate in the modeling of the system functioning. Trends were 
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drawn that give the ground rules to optimize the device. By means of numerical simulation, the 
number of experiments are reduced significantly, and consequently the cost of a study. 
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Size Effects in Dynamic Tension Test, 

Numerical Approach 

A. Rusinek & J.R. Klepaczko 

Laboratory of Physics and Mechanics of Materials, Metz University, lie du Saulcy, 57045 Metz, France 

ABSTRACT 

Advances in experimental techniques and numerical codes have allowed during the last decades for a 
more detailed analysis of specimen behavior during high strain rate and impact testing for variety of 
materials like advanced industrial alloys, composites and ceramics. It is well known that a specimen 
for impact materials testing must be optimized concerning its dimensions. The main reason is to 
reduce strain gradients due to the effects of elastic-plastic wave propagation. On the other hand , 
when a Split Hopkinson Bar (SHB) in tension is applied, the net displacement of the specimen ends is 
very limited, usually from 2.0 to 3.0 mm. In order to reach relatively large deformations the specimen 
gage length must be very short, for example to reach maximum strain 0.5 the specimen length must 
be reduced to dimensions from 4.0 mm to 6.0 mm. Consequently small diameters Of lateral 
dimensions must be applied to assure one dimensional deformation. Such small lengths substantially 
perturb idealized material behavior to be determined. For example, LOders bands typical for materials 
with the upper and lower yield point disappear and formation of necking is perturbed as well. Since the 
authors of this contribution are interested in testing of sheet metals at high strain rates the situation is 
even worse, because reduction in length causes transition from one-dimensional strain to plane strain 
conditions where the instability mode is substantially perturbed. In this paper a numerical analysis of 
the effect of the initial length 10 and the initial velocities on the elastic and plastic wave propagation in 
tension of thin steel sheets is reported. The purpose was to analyse the maximum impact 
velocity above which the process of plastic deformation is disturbed by propagation of plastic 
waves and the appearance of the thermoviscoplastic instability. The limit is found and analysed by a 
numerical methods. One of such limits in the form of so called the Critical Impact Velocity in tension 
has been analysed. A new approach to the CIV which takes into account the temperature coupling 
with plastic deformation is proposed. A precise constitutive relation which takes into account strain 
hardening, rate and temperature sensitivity is developed. This relation has been introduced to the FE 
code ABAQUSTM. The FE analysis has been applied to the dynamic tension of the sheet steel ES. 
Existence of the CIV in tension has been confirmed numerically for different initial gage lengths 10 
as an intrinsic property. 

THERMOVISCOLASTIC MODELLING 

To study the dynamic ooformation of shee.t metals, a constitutive relation has been implemented in a 
FEM. Several processes have been studied as perforation [1], double shear by direct impact [2], 
Taylor test and tension test [3]. With the constitutive relation in the form of Eq. (1) the effects of 
temperature and the strain rate on the flow stress may be considered and analyzed. It is clear that the 
temperature increase, including adiabatic heating, has a substantial effect on the flow stress and 
typically it induces a decrease of flow stress with plastic strain. The thermo-visco-plastic relation 
applied here takes into account strain hardening, strain rate sensitivity and thermal softening. In order 
to describe more precisely the visco-plastic behavior the tensile stress cr is assumed to be a sum of 

two components GIL and cr' , which are respectively the internal and the effective stress, [9]. The first 

component is directly related to the strain hardening of the material and the second one defines the 
contribution due to the thermal activation (combination of temperature and strain rate). Thus, the flow 
stress is written as: 
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------------------------------------- --------

"(C,E, T)~ EiT) [a,,(c,£,T) + ci(i., T)] , (1) 

where Eo is the Young's modulus at T = 0 K and E(T) is the evolution of the Young's modulus as a 

function of temperature, this expression is based to some extent on physical considerations, [9]. 

The final expressions for both stress components are the following: 

(2) 

(3) 

where S(s,T) and n(f,T) are respectively the modulus of plasticity and the strain hardening exponent. 

In Eq. {3} n\l and D~ are material constants and EOli" is the minimum strain rate, which defines the 

quasi-static stress-strain relation, 

The formula for B(E,T) is a function of the homologous temperature modified by strain rate, [5]. 

(4) 

where Bn is the material constant and 'V is the temperature sensitivity, 

The strain-hardening exponent nee, T) and the modulus of plasticity B(e,T) are defined respectively by 

relations (3) and (4), they take into account the experimental observations that the strain hardening 
itself depends on temperature and strain rate. Thus, for the ES steel the strain-hardening exponent 
substantially changes with temperature, particularly in the adiabatic conditions, [4]. Moreover, the 
strain rate E, that corresponds to the complete adiabatic conditions is estimated as E = l05-1

• For 
strain rates higher or equal to 102 

S -1, a significant temperature increase ~T is observed during plastic 
deformation, it accelerates the thermal softening of the material. The process of plastic deformation is 
then close to the adiabatic one and the flow stress is coupled with temperature as it is discussed latter. 

The explicit form for the effective stress is given below, it is similar to the equation of Arrhenius that 
describes the kinetics of thermally activated processes. 

( (Tl .m",)"' a'(£,T)=o~ I-DI T.:" iogT with a'(E,T)~Oande,.;£""~' (5) 

where a; is the effective stress at T = 0 K, D I is a constant, Ii "",' is the maximum strain rate of 

validity of the model and m' is a coefficient which characterizes the temperature and strain rate 
sensitivity_ In adiabatic conditions, the quantities which are function of the temperature are coupled 
via, Eq. (6), which describes the plastic work converted into heat. 

(6) 
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where j) is the Taylor-Quinney coefficient of stored energy, p is the density and Cv is the specific heat 

at constant volume. 

The adiabatic increase of temperature triggers the thermal softening phenomenon and reduces the 
rate of strain hardening. The analytical results obtained by the constitutive relations outlined above is 
shown in Fig. 1, for strain rates varying from 10 4
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Fig. 1. Effect of the strain rate, analytical results Fig. 2. Effect of the adiabatic heating during plastic 
deformation 

In Fig. 1 is shown that the strain rate induces an increase of the yield stress. The rate sensitivity is the 
most important during the modeling of the thermo-visco-plastic behavior of materials. Generally the 
logarithmic rate sensitivity is defined by Eq. (7), in the present case is equal to m = 0.02 ( ES sheet 
steel). 

dlOgol m~--

cHog£ " 
(7) 

The experimental results have permitted to estimate the logarithmic strain rate sensitivity. For the low 
strain rates 10-" :::; {;; ::;;1 0-1 

S-l , the strain rate sensitivity is equal to III == 0.023 and increases to III = 0.05 

for higher strain rates 1::;; {;; ::;;1 oj S-1, both for strain level £. = O. 1. However, in the adiabatic conditions 
the first forma! observation is a decrease of the strain rate sensitivity with plastic strain as shown in 
Fig. 2. This is induced by the thermal softening of the material that is more important when the strain 
rate increases. In conclusion, the strain rate sensitivity m is strongly dependent on the plastic work 
accumulated during plastic deformation. However, the apparent values of the strain rate sensitivity can 
change with the geometry of the specimen at high strain rates, as it will be shown latter during the 
numerical analysis. 

NUMERICAL APPROACH 

In order to verify the effect of the specimen geometry at different strain rates and temperatures with 
the visco-plastic model a series of numerical simulations have been performed with ABAQUS Explicit 
[6]. The aim was to simulate the tensile test and analyze the phenomenon of elastic and plastic wave 
propagation as a function of the initial length of the specimen used during the experiments. Three 
geometries have been assumed: 10 = 10 mm , 10 =: 20 rum and 10 =: 40 rnm. The meshes used without 
defect a!ong the specimens together with aU dimensions used are given below, Fig. 3. 
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Fig. 3. Initial conditions, dimensions of the specimens and meshes used during the numerical 
simulations with ABAQUS Explicit 

During the numerical simulations the loading profile in velocity that was assumed is an instantaneous 
increase from zero to the impact velocity (rectangular loading) and a constant velocity during the 
process of dynamic tension. The constitutive relations adopted to approximate behaviour of the mild 
steel ES, [1], with thickness of 0.8 mm, is discussed above, Eq. (1), and all material constants are 
given in [1]. The left speelmen side is blocked in displacement and the right side is load by veloelty. 

The first series of calculations was a comparison between the constitutive behavior at isothermal and 
adiabatic conditions for strain rate varying from 102 s-1 to 104 

S-l where the adiabatic softening takes 
place. In fact, for ES steel the strain rate which defines the transition isothermal-adiabatic is equal to 
-10 S-1 ,as it has been mentioned previously on the basis of the experimental results. Above this strain 
rate a change of the hardening coefficient caused by thermal softening is observed, but for the strain 
rates lower than -10 S·l the surface 0(10,8, T) represent the same isothermal shape, Fig. 2. To compare 

the numerical predictions, the curve 0 - log(£) has been plotted br different levels of strain varying 

from 0.05 to 0.1. 

In FE calculations the time variation of stress has been defined for two cases. In the first case the 
force has been defined on the opPosite side of the impact and in the second case the force has been 
calculated on the impact side. The results are shown in FigA-a and FigA-b. A good agreement is 
observed at lower strain rates between the constitutive relation and numerical results. However, for 
strain rates higher than 5*103 s -1, the numerical results predict a decrease of the stress in comparison 
with the constitutive relation which assume a continuously increase. In fact, the numerical results are 
much realistic in the sense which it take into account the boundary conditions and the strong gradient 
as the temperature increase caused by the plastic strain localization and the loca! high strain rate. This 
numerical observation is made for all geometrles used. 
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Fig. 5. Effect of the initial length at different 
strain rates, numerical results 

The second step in FE calculations was an analysis of the initial length effect for the same strain rate 
equal 100 1/5. Thus, a substantial difference in behavior is observed for 10 = 10 nnn where the stress 
level is much higher, Fig, 6, and at the same time the instability (aU/DE = a) appears earlier for all 

strain rates, Fig. 7. However, for the two lengths: 10 = 20111m and 10 = 40 mOl, very close hardening 
rate and stress level are found. The length of 10 = 20 mm , or the range from 20,,-; 10 ,,-; 40 mm , seems 
to be a good compromise to study behavior of sheet metal at high and low strain rates. 
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Fig. 7. Hardening rates vs. stress level for all three 
geometries, numerical results 

At high strain rates, for example for strain rate E "" 1 03 S-) , for the initfallength 10 = 40 mm a delay at the 
beginning of loading determined in the damped end is observed on the a-!3 curve, Fig. 8 and Fig. 9. 
This delay is characteristic due to wave propagation along specimen. In addition, the plastic wave 
trapping near the impact end may occur, such behavior is discussed latter. A disturbance of the strain 
gradients in the form of transmitted plastic wave along the specimen lead to the so called the Critical 
Impact Velocity in tension, [3J. 
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The numerical results have permitted for an analysis of the logarithnic rate sensitivity m defined by 
Eq. (7), such analysis was performed for several levels of strain and for three lengths 10, 20 and 40 
mm, the result is shown in Fig. 10. The mean slope is a coefficient which is equal or similar for all 
geometrie~, at strain rate varying within the Ilmits 100:;;; E ~ 400s·1 

, and without effect of the strain 
level. In this case, m is equal to the mean value m '" 0.06 , However, when the strain rate is higher 
than 400 1/s differences appear between the numerical results for the different initial lengths, Fig. 10, 

the logarithmic rate sensitivity is varying within the limits : 0.027:;;; 111 :;;; 0.1 for strain level : 
O.l.:os; £.:os; 0.12. 
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Fig. 9, Analysis of maximal strain to reach the 
necking for all geometries, numerical results 

Due to a substantial adiabatic coupling the values of m change at high strain rates which are close 
to E "" 1 0.1S -1 , However at low strain, £ = 0.05 , where the adiabatic increase of temperature is relatively 
small, and for the initial length III = 40 !TIm , the apparent strain rate sensitivity reaches zero for the high 

strain rate E .......,.103s-1
• The apparent strain rate sensitivity m equal to zero is due to the impedance 

mismatch effect causing wave reflections from the clamped end. This induces an inertia pick at the 
beginning of loading creating at the same time a decrease of the stress leve! determined at the 
clamped end at the strain level varying from 0.008 s; £ s; 0.07. In conclusion, finding of the "true" 
material behavior in the range of small strains for a longer specimen is very limited since the strain of 
instability for this geometry 10=40 mm is equal to £in" = 0.1 J Fig. 9. In such case is not very easy to 
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study the behavior of materials and deduce experlmental parameters to propose a constitutive 
relation. In genera!, an optimal specimen length deduced from Fig. 9 is 20 mm. 

In the following picture, Fig. 10, a comparison is made between the constitutive relation and the 
numerical results for strain rates varying within the limits: 10-1 S E s 103s- 1 and for the initial length 
In = 20 mm . In this case the logarithmic strain rate sensitivity m stays relatively low with an average 

value equal to 111 = 0.03. 
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Fig. 10. Strain rate sensitivity for initial length 
J~ = 20 mm , analytical and numerical results 
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dynamic tension test, numerical results 

Moreover, during the numerical simulation the equilibrium of forces induced by the elastic and plastiC 
wave propagation along the specimen by comparing the force level on the impacted side (right side) 
and the force level on the oppOSite side (left side). Thus, a critical strain rate is found for all specimen 
geometries above which no force equilibrium is observed between two specimen sides. Impact 

velocities corresponding to this critical strain rate are V = 10 8, Fig. 11. This critical strain rate is 

reduced when the initial length of the specimen increases, as it is shown in the fjgure. This 
phenomenon appears when the plastic waves begin inducing strain gradients along the specimen 
created by the strong thermal softening. In this case a part of the transmitted signal to the clamped 
end is disturbed by the trapping of the plastic waves caused by a substantial reduction of plastic wave 
speed in adiabatic conditions, lim Cp -:0 0, [3]. Therefore, it is very important to know the limit of the 

strain rate for each specimen geometry applied in impact testing. Knowing this strain rate an analysis 
of the dynamic behavior of a material tested IS limited to the strain rates lower than this value. Above 
such strain rate the effects of plastic wave propagation may lead to the fact that the experimental 
observations are erroneously interpreted. In fact, it is suggested that all specimen geometries and set 
ups should be coupled with numerical analyses. Such methodology would permit to analyze the 
complete problem and to find an intrinsic _ behavior of the material. The following factors play an 
important role in dynamic tension test: the elastic and plastic wave propagation, the geometry of the 
specimen and the boundary conditions. 

The main motivation of this study was to perform a systematic analysis, numerical and analytical, to 
find differences in behavior of short and long specimens loaded in impact tension. For this purpose 
precise constitutive relations were applied which include effects of strain hardening, rate and 
temperature sensitivity on the flow stress, [2]. The FE explicit code ABAQUS has been applied that 
include thermal coupling by application of adiabatic conditions of deformation. Several specimen 
lengths from 10 mm to 40 mm, and several velocities from 10 mls to 120 mls were assumed in FE 
calculations. It has been confirmed that too short gage lengths substantially perturbs the "material 
behavior" to be determined. Moreover, the second part of this study is focussed on the effect of the 
initial length on the triggering of instability during the process of elastic and plastic wave propagation. 
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SIZE EFFECTS ON THE ELASTIC AND PLASTIC WAVE PROPAGATION 

In early fifties and later the Critical Impact Velocity (eIV) in tension of round specimens has been 
confirmed as a material property [7,9,10-12].The latest stage of specimen deformation is, of course, 
failure by necking near the impact end. A complete study of an impact tension test may be classified 
as an example of Dynamic Failure Mechanics, a discipline in the stage of early development. The 
DFM is characterized that no initial cracks are present but the impact loading leads to failure. A solid is 
loaded in a short time interval and a more or less uniform plasticity field develops. But after a short 
time, because of local stress concentrations due to inertia and a particular geometry, temperature 
gradients appear caused by adiabatic heating, and localization of plastic field leads to failure, Thus in 
the case of impact tension the thermal softening appears locally leading to decrease of the strain 
hardening, and in the final stage the plastic wave speed C? is reduced to zero, [3], The final result is 

that the plastic deformation is concentrated close the impact end causing almost instantaneous failure 
of the specimen, Fig, 12, This phenomenon is called the Critical Impact Velocity (CIV), Early analytic 
modeling of the CIV in tension at different temperatures was reported in [12], More recent analysis of 
CIV with a complete thermal coupling, that is in the adiabatic conditions, was reported in [3], 
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Fig, 12, Scheme of the development of the Critical Impact Velocity for a long specimen, [7], 

The numerical results obtained in dynamic loading for a long specimen, 10 ::: 40 mm, are shown in Fig. 
13, In this case, the same observations as reported by Wood [7] are found where the point of 
instability or necking move along the specimen as a function of the initial impact velocity. Moreover, for 
a specific strain rate equal to 800 S-1 double necking appears, Fig.13-b. 
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c) 

Trapping ofplas\ic 

wave~ 

Fig. 13. Determination of the position of necking at different impact velocity Va, 
initial length 10 :::: 40 mm, 

a ~ Vo = 10 111/s , b ~ Yo = 32 mIs, Yo = 36 mIs, Yil = 120 m/s 

d) 

The distribution of plastic strain along the specimen for the impact velocity Vo = 10m I s appears as 

homogeneous at the beginning and also during further stages of loading, Fig. 13~a. The neck is close 
to the center of symmetry. At this impact velocity the homogeneity is better along a more longer 
specimen, 40 mm, in comparison with a short specimen, 10 mm, where the localization is more rapid. 
At relatively low impact velocity a longer specimen is advantageous because of reduced strain 
gradients. However, this is not the case at higher impact velocities where the plastic deformation 
gradients increase, this is shown in Fig. 13~b where the double necking develops. 
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Fig. 14. a-b. Apparition of the double necking during dynamic tension, numerical results, 
Vo =32m/s,£"'" =0.6 with a loading time t=7.5*10-'is 

The following picture, Fig.14a-b, shows the development of the double necking at different time 
intervals given in ~tS which appears for impact velocity Vo = 32 111/s . In fact, for this impact velocity the 
two point of instability corresponds to a zone where a superposition appears between tensile and 
compressive waves inducing ,a strong gradient of strajn. At the beginning of loading a homogeneous 
distribution of the transversal strain is observed, Fig. 14~a, later on a double localization occurs but the 
second neck located near the impact end is more important and the failure of the specimen will appear 
at th·,s place as ·,t has been shown by Wood [7], Fig. 12. 

Concerning the phenomenon observed at high impact velocity, Yo;;>; 100 mIs, trapping of plastic waves 

occurs, Fig.13-d, defined as the Critical Impact Velocity. It appears that this phenomenon occurs for al[ 
specimen lengths studIed, [8]. However, the double necking appears only for longer specimens 
beginning with the minimal length 10 = 40 mill, Fig. 13-d. Thus, the Critical Impact Velocity is directly 

related to the behavior of material and not to the specimen geometry used during experiment. But for 
the short specimen, 10 = 10 mm , Fig. 15 a-<:l, the plastic front is able to be propagate along the 
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speelmen and it reaches the opposite side. In this case a more homogeneous strain distribution is 
observed with another neck appearing in the middle of the specimen, this is possible when the 
numerical analysis is performed without a failure criterion, Fig. 15 c~d. 

a) b) 

L c) d) 

Fig. 15 a-d. Effect of the initial impact velocity for short specimen, numerical results, 
IQ = 10 mm , Yo = 100 m/s 

The numerical results obtained for the standard geometry used in LPMM (In = 20 mm ) for quasi-static 

and dynamic loading are shown in Fig. 16 a-b. The point of strain localization moves to the impact end 
at the impact velocity 100 mls (nominal strain rate 5*103 1/s). The trapping of plastic waves for 
velocity close toYo = 100 m/s is obvious. For the impact velocity 60 mls (nominal strain rate 3*103 1/s) 

the neck is situated close to the middle of the specimen, At lower strain rates the necking appears in 
the middle of the specimen as during standard experiments for the initial length 10 =20 nl!TI, Fig. 17. 

a) L 

Fig. 16 a-b. Numerical results, effect of the initial impact velocity, 
a) Vo = 60 mls - t = 1.67 * 10-5 

S-I b) Yo = 100 mls - t = 1 * 1 0-5 
S-I 

b) 

With the experimental set~up shown in Fig.17 as attached to a fast hydraulic machine (the setup 
designed by Klepaczko, [13]) it is possible to measure the tensile forces at both ends of the specimen 
and verify the force equilibrium imposed on the specimen during loading. In addition, the load cell of 
the machine permits also to measure the force to calibrate the system during slow loading and make 
a comparison with the local cells of force at fast loading. The local displacements due to specimen 
elongation are precisely measured, precision less than 1.0 ~tm, by two LVDT displacement gages with 
the band pass 1.0 kHz. The total number of channels to be recorded IS 6, that is two signals from the 
local load cells, two displacement signals from LVDT and two signals from the test machine: the force 
and displacement of the actuator. 
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1) Linear Variable Dirrerential Transducer 

2) Mechanical grips 

3) Local load cells 

4) Specimen (metallic sheet) 

Fig. 17. Experimental set-up used during fast tensile test, 10 =20 mm and 10-4 :S;e:S;100s'! 

CONCLUSIONS 

The numerical analyses by FE have permitted to demonstrate the effect of the initial length of the 
specimen during the impact tension of sheet metals. It was found that there is, as expected, a limiting 
value of strain rate for each specimen geometry. This parameter is very important since above such 
strain rate the material properties determined become "apparent", the shape of the hardening is 
affected by the plastic wave propagation which is directly related to this value of strain rate. Moreover, 
determined stress leve! is higher for an excessively short specimen caused by a more intensified end 
effects of the specimen sides. The second point to be discussed is a longer deformation time or larger 
strain, before necking for the long specimen. This is caused by a more homogeneous distribution of 
the plastic strain along the specimen in comparison with the short one. 

The numerical analyses of the adiabatic processes of plastic deformation coupled with plastic wave 
propagation in tension performed for several initial specimen lengths have reveled many interesting 
features. One of the purposes was to find an order of the impact velocities above which the plastic 
wave propagation is disturbed by the appearance of an thermo-visco-plastic instability. For example, 
simulations of the tensile tests of sheet metals have shawn that below the impact velocity, Vo < SOmis, 

the distribution of longitudinal plastic strain is very close in both sides of the short specimen. On the 
other hand, when the impact velocity is increased above 50 mis, one observes from the beginning a 
loss of symmetry of plastic deformation along the specimen, Fig. 11-14. When the impact velocity 
reaches 100 mis, the necking occurs near the impact end, and the elv is reached, Fig. 11-14. It is 
interesting to note that at relatively high velocities the form of the hardening rate and the stress level in 
reconstituted curves are affected by the initial length of the specimen. It was also shown that the 
proposed constitutive relation allows to approximate correctly thermo-visco-plastic behavior of ES 
sheet metal up to 103 1 Is. 
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Constitutive Equations at High Rates of Loading 

ABSTRACT 

Julia V.Suvorova 
MERI,RAS,MosCDW,Russia 

Irina V. Viklorova 
Clemson University, Clemson, USA 

The stress-strain-Ume dependence for some metals and alloys based on the idea of non-linear 
heredity is proposed. In particular the theory can be applied to the metals with delayed yielding (low 
carbon mild steels). It is shown that the phenomenon of yield delay affects the slope of stress-strain 
diagram in ani loading program considered. The proposed theory is applied to the analysis of the 
results of the tests for some metals under various loading and unloading rates and also to the creep 
and relaxation experimental data. Using some additional assumption the basic equation can be 
applied to the description of material behavior under repeated loading and to incrementa! elastic wave 
propagation.The problem of the longitudinal wave propagation in non-linear hereditary type medium 
has been solved using the Laplace transform technique .. An asymptotic expansion of the solution in 
the vicinity of the wave front has been obtained. 

INTRODUCTION 

The non-linear hereditary theory has found wide application for description of time effects in polymers, 
including reinforced polymer composites. It turned out that such processes as creep, relaxation, creep 
recovery may be rather accurately described within the wide range of variation of stresses, time and 
temperature [1}.This presentation is intended to show that the nonlinear-hereditary theory of 
viscoelasicity may be, with some modifications applied to the behavioral analysis of metals. 

There are two basic models for metals accounting for the loading effect. The simplest model according 
to Karman - Taylor - Rakhmatulin [2-3} is based on two stress-strain curves, namely static and 
dynamic. The dynamic diagram is assumed to be independent of the loading rate. This assumption 
works for the description of wave propagation in bars. However, the principle of differentiation between 
the "static" and "dynamic" diagrams is not available; moreover, this model is unable to describe the 
observed stress-strain curves rate variation. 

The second type model, according to Malvern - Sokolovsky [4-5], is based on the assumption that 
there exists a lower static curve, which corresponds to bading at an infinitely low rate. Various 
generalizations and refinements were offered to develop this approach. For the specific loading case 
the appropriate selection of the parameters for the constitutive equation give satisfactory results, but 
as a rule turn out to be impractical with the change of the loading conditions. Moreover, the concept of 
the static yield stress is vaguely specified. Usuafty that is understood as the stress, which is measured 
during the ordinary tests on a standard tensile testing machine. However, should the loading rate be 
some decreased, the yield stress also decreases. Thus the position of the static curve, which should 
be constructed for loading at the infinitely low rate, is not clearly specified. 
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There exist one more fact that favored the idea of implementation of the hereditary theory. That is the 
functional relationship between yield stress and the history of loading in the elastic range. Originally it 
was observed in the experiments with low- carbon steels demonstrating the yield delay effect. The 
effect of delay is studied rather thoroughly at present [6] with few models describing the above 
phenomenon, one of which, proposed in [7], is the generalization of Taylor - Karman - RakhmatuJin 
model. The process of wave propagation in the bars, which was analyzed on the basis of this model, 

is described in [8]. When constant velocity Vo is applied at the end of the semi-infinite bar, an elastic 

overstress wave propagates through the whole length of the bar first; the rear front of the wave is 
determined by condition of exhaustion of the yield delay capacity and moves at the velocity of an 
elastic wave. Since delay time is the same for all sections, the elastic relief takes place at this front 

down to stress (J's' which is conditionally termed lower yield stress. Strain es ' corresponding to stress 

as remains constant for some time before the plastic wave front comes. However the value of E., was 

found to be higher than the value of the strain corresponding to the static yield stress. This cannot be 
caused by the rate effect, because the strain rate in the constant value region is zero. But depending 

on the loading rate, I.e. on the value of the overstress, both: as and Es were found to be different. 

Thus the history of loading in the elastic range affects the shape of the diagram of the subsequent 
plastic strain and the value of the yield stress. A similar effect was discovered for high strain rate 
testing of the titanium alloy, which does not possess the yield delay capacity; it was demonstrated that 
the yield stress depends on the tension rate in the elastic range [9]. 

CONSTITUTIVE EQUATIONS 

As it is known, the hereditary theory of viscoelasticity is based on the hypothesis of existence of the 
upper instantaneous straining diagram from which "slipping down" takes place with time. This 
circumstance played a major role in choosing the hereditary theory for the basis of the model for 
describing the mechanics of metals at higher rates of loading [10,11].The pecularity of application of 
the theory to metals consists in replacement the values of the total strain in the constitutive equation 
as suggested in [1,12] by plastic components 

'PCp) =(l+ K')(J 

, 
K'(J = f K(t- s)(JCs)ds (1) 

Equation (J' =rp(p) determines the instantaneous straining diagram, p =E-(J' Il{:,e is a total 

strain. The function rp(p) is determined only for the positive values of the argument, cp(O) being the 

dynamic yield stress at an infinitely high strain rate. The beginning of the loading process corresponds 
to t = 0; consequently, the integral term takes into account the entire history of loading in the elastic 
range. Apparently, some internal processes in elastic materials affect the progress of the subsequent 
plastic strain. At small t the integral on the right-hand side of (1) becomes extremely small and 
transition to the dynamic curve a =<P(E -a I E) takes pace. The equation (1) is the simplest 

nonlinear hereditary type relationship between values of p and ('J. 

ACTIVE LOADING PROCESSES 

At first we shall discuss the problems related to the transition from elastic to plastic state, considering 
separately the materials with and without the delayed yielding. 

Materials without delayed yielding. 

If the material does not posses the yield delay capacity, time to of transition to the plastic state is to be 

found directly from eon. (1); the material remains elastic until 
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a + f K(t- s)a(s)ds '" '1'(0) (2) 
o 

At the instant t when the equality becomes valid in (2), the material enters the plastic stage. The 
instant and the corresponding stress are determined as follows. If the machine grips move at a 
constant velocity, then 

a / E + ).p ~ f/t, f/ ~ CO/lSt (3) 

Variable A characterizes the loading system rigidity, at A == 0,1718 the loading rate, at .It. = 1, Vis the 

total strain rate. In general case 0 < A < l. It follows from eon. (1) 

CP(p) ~ a + f K(t- s)(1'S - Ap)ds 
o 

Let us assume 

f K(t- S)Sdf ~ G(t) 
o 

Then 

cp(p) ~ a - A f K(I - s)p(s)ds+ f/G( (I) (4) 
o 

Thus, we obtained the nonlinear integral equation for the function p(t). The eon. (1) becomes valid 

beginning from the moment to' Therefore, if I> to'CP(p) > '1'(0); if 1< to,P ~ O. At 

I~ lo,p ~ O,a ~ a o ~ f/Efo. From eon. (4) it also follows, that 

cp(O)~ao+f/G(ao/f/£) (5) 

The relation (5) defines yield stress a 0' Le. the initial point of the plastic curve corresponding to the 

tension rate f/. As an example Table1 gives the relationship between the yield stress and the loading 
rate for titanium alloy [13J, obtained experimentally and calculated from (5); it was assumed that 

K(/) ~ k/(/- s)" , the material's parameters were: a ~ 0.9, k ~ 0.023 

Table1 

6,lIs 
L5xlO-5 1.8 X 10-3 5 X 10-1 5 

0lexp ,leg/ mm
2 31.0 34.2 38.5 40.0 

olMle' leg/111m2 30.3 34.8 39.1 40.5 
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To construct the stress-strain curve in the plastic range, it is necessary to solve the integral equation 
(4). The case when A = 0 (constant loading rate) is an exception, then 

<pCp) = 0 + V(J. (0 / VEl (6) 

The instantaneous curve calculated from the straining diagrams [9J and diagrams of tension at various 

rates f are shown in Fig.1. The piece-wise linear function was taken for the approximation of the 
stress variation in time. 

cr kg/mmZ 

5 -pIp) 

3 
50 
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40 

OOL-__ ~~ __ ~~ ____ ~ __ ~P-J 
0.01 0.0< 0.0:; 0.04 

Materials with delayed yielding 

As is known, the yield delay capacity is associated with the extension of the plastic part of the diagram 
and involves the existence of two branches in some region. The value of the upper yield stress is 
determined by the selected criterion of delay. Transition from the elastic to plastic branch may be 
carried out in different ways and is determined by the conditions of the loading process It will be 
shown that the plateau on the stress-strain diagram appears only for the specimens vyith long working 
part in tension and the dimensions of the plateau are naturally associated with the specimen length. 
However, under the specific loading conditions (the stress grows up in value all the loading time) the 
peak stress, i.e. the upper yield stress, is not observed. Hence, the obtained stress-strain diagram 
should be interpreted with great care, paying attention to both: the shape of the specimen and the 
loading conditions. The suggested model allows for the instantaneous variation of the specimen state 
- the appearance of the instantaneous plastic strain p and the stress drop. However the model 
suggests the stress drop not all the way to the static curve, but to the curve, determined by the history 

of the elastic loading. At the instant to ' yield delay capacity becomes exhausted 

(7) 

Since at t < lo,p = 0, the eqn.(4) has the following form 

<pCp) =0 + V(J.(t) -AI K(t-s)p(s)ds 
o 
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At the instant t to 

(8) 

Solving (7) and (8) together, we find the values of a,p at the moment t ~ to after the condition of 

yielding has been fulfilled. The curve 1 in Fig 2 is the instantaneous straining diagram a = rp(p). 

Curve 2 is obtained by parallel shift of the curve 1 downwards by the value of ~ (ar/mp / VE). The 

equation of the straight line 3 is:a + AEp = ar/rop. The point of intersection A of the curve 2 and the 

straight line 3 determines the observed lower yield stress as and the respective instantaneous plastic 

strain. In this case, it is necessary to solve the integral equation to construct he strain~strain curve. If 

a = const, A = 0, then eon (6) holds. The approach described above can be applied to the elements 
(Le. for the specimen with a very short working part). If the long specimen is stressed, the plastic strain 
front propagates from one end to the other. The strain gage fixed in some intermediate section 
indicates the following (Fig. 3): at frst the specimen stretches uniformly remaining elastic, which is 
shown by part 1 on the diagram. The maximum elastic strain at the end determines the peak stress, 

Le. the upper yield stress a r/rop. at t = to the material yield delay capacity becomes exhausted, the 

stress drops down to the value of OJ' ~ the observed lower yield stress, and the strain remains elastic 

untll the plastic front reaches the section (part 2). As soon as the plastic front reaches the gage, the 
strain increases up to the value p and remains constant until the front reaches the other end of the 

specimen (part 3). After that the specimen continues deforming uniformly with strain hardening (part 
4). The plastic strain front registered by the gauge turns out to be increased. This can be explained by 
the inclination of the plastic strain front, which makes an angle of approximately n /4 to the 
specimen axis, whereas the narrow gauge had been fixed on the surface. 
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Fig. 3. 

The further analysis should be taking into consideration the stress concentration ( with the coefficient 

kj) occurring at the specimen end near the grips ( let it be section x = 0 ).Therefore the condition of 

delaying wi!! be fulfilled primarily here. The stress drop at the end leads to the total stress drop down 

to the value of a~ .. The movement of the plastic front starts from the section x = 0 and is regulated 

by the condition of delaying. For some section x the plastic strain appears at the time when the 
condition of delaying is fulfilled in this section; that is to be written as follows: 

kl f+M 

fg{a)dt+ fg(aJdt+ fg(k,a.ldt~'to 
o 10 1 
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The last integral is determined by concentration :! at the front of the moving plastic wave. Let's take 

the function of delay as g(o)~(olo')" and assume (0,10')" ~-r;olt,where t, is the delay 

time corresponding to the constantly acting stress as' Then, taking into account that 

M ~ i'1(tltl tlx)(i'1 is the section covered by the concentration) we obtain the following differential 

equation, which describes the front movement: 

d, 1c','i'1 

tit (1 - k,-")t, + to - t 

Neglecting the value of K1-
II which is small compared with a unit and designating 0 = K;.1/:1 ,we obtain 

the following solution for the equation: 

[ 
t- t 1 x~-Dln 1 ___ 0 

t,. 

which satisfies the condition x = xol t~fo .If we take into account that <,. :; '0' Is s I, then 

(9) 

Expression (9) determines the constant velocity of the front movement; this conclusion had been 
verified experimentally. 

In addition to the designation ~ (I) introduced earlier, let us assume 

G(t) ~ f K(t- s)dr. 
o 

Then the constitutive equation for some section through which the plastic front has already passed will 
be written: 

cp(p) ~ oJl + G(/) - ('\to ))+ OdmpGj (to) 1 to (10) 

If the velocity of the machine grips is constant, then the loading rate in the elastic range is also 

constant and a = TI', whereas a drop = l}lo' Assuming in (10) 1 = to we obtain 

(11 ) 

Expression (11) relates the lower yield stress a ,. and the plateau length p. The second equation for 

these two characteristics may be derived from the kinematic condition relating the grips velocity V with 
the front movement velocity 

y(t) ~ (xp)' (12) 

To correlate (12) with expression {gO defining the front constant velocity, we should assume 

y=xp. (13) 
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Comparing (9),(13) and taking into account definition of to' we obtain: 

,(Y7:o )'1" 0=0 --
, Op 

(14) 

Solving (11) and (14) together we can find p and 0,. The graphic solution diagram remains the 

same as for the element analysis, but the straight line is replaced by the curve (14) of the hyperbolic 
type. 

Having assumed that p = 0 ,we should believe that the time depending term in (10) is also 

negligible for I> to' This condition dictates the selection of the kernel type. For example, for Abel's 

kernel %(/- s) = 1c(1- stU difference G(t) - G(to) at any moment may be made as small as one 

wants, provided that the selected value of a is sufficiently close to 1.If we take the kernel as Abel's 

type and assume function <pep) is linear, <pep) = <p(0) + m-'p ,the dependence between the 
lower and upper yield stresses can be derived from (11): 

1 <p(0) +-p- 0 = AI o"(I-u 1-' 
111 .r drop 

(15) 

This dependence had been verified by experiments [8] on steel 50.The following parameters were 
calculated for this steel: a = 0.9; Ie = 0.02;<p(0) = 57.8 The elastic strain rates were equal to 

6 x 10-
6 ;1.1 X 10-

4
;5 X 10-

3 s-' . The slight scatter was observed in each group of tests corresponding 

to the given rate. The average value of 11 was equal to 21. The exponent of 0 dwp in (15) 

n(1 - a) - 1 = 1.1 differs but slightly from a unit. Figure 4 shows the dependence of the actually 

measured value 01' = <p(0) + m-'p - a, on the value of 1/ 0dwp , the paints are practically on the 

same straight line. 

22,1------------~--------------------~ I (fl,> kg/mm Z 

20j 

18 

0,16 0'9 o 2! 

j/Clt! 
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Fig, 4. 
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UNLOADING PROCESSES 

According to the theory of Karman-Taylor-Rakhmatulin The unloading should be always elastic, 
whereas by Malvern- Sokolovsky theory, the process of unloading is viscous down to the static curve, 
but neither of them reflects the true situation with unloading process in metals. The constitutive 
equation (1) as distinct from the mentioned above types, makes it possible to describe the unloading 

as well [13}.lf the unloading starts at some moment t= '* the value of a becomes negative, the 
stress drops but the strain may continue growing for some time. Plastic strain can not decrease, 
therefore the unloading yield stress should correspond to the extreme value of p,Le. the condition 

p = O. Differentiating the equation (1) with respect to time, we obtain: 

. d' 
rp'(P)p= a +-f K(t- s)a(s)ds= 0 

dt 0 

(16) 

If the the law of unloading is known, eqn.(16) allows to detemine both: the moment '"", when the the 

plastic strain reaches its maximum as well as the stress value a at this instant, i.e. the value of 
unloading yield stress. Upon reaching this stress level the further unloading is elastic. 

If the loading process was taking place at the constant rate a I and the unloading was almost at the 

constant rate ail and if we select the Abel's kernel under the integral in (1), then, it follows from (16): 

~I I-a +(1- ~1)(t-tf" +I~a =0 

all au 

(17) 

Here t* corresponds to the instant the unloading begins, Eqn.(17) allows to determine the rate a /I at 

which the unloading is elastic and viscous parts should not be observed.. For this purpose we 
introduce t= t" into eqn.(17) and then we obtain 

(18) 

It is evident that this value depends on both: the loading rate and the value t", Le. on the value of the 

maximum stress (or strain) which was achieved at the moment of the unloding start. The analysis of 
the experimental data [13] indicated that, if the unloading rate is the same as the loading , Le. 

o l( = - 0" or EXceeds it, viscous effects are practically insignificant and cannot be discovered .. 

However, if a /I = -0.1 a, ' the viscous effects are essential. As an example, Fig.S shows a part of the 

diagram a ~ £ (continuous line) obtained at the loading rate a, = O.385kg/ mnP s; the unloading 

rate was - 0.0385kg/ mnl s [13].The material tested was a low-carbon steel, the kernel parameters 

were the following: a == 0.93; k = 0.1 The time of loading transition to the elastic state was 

t" = t, + 27.Ssin accordance with eqn (17). The dashed curve shown in Fig.5 is calculated by (1). 
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CONDITIONS OF PLASTIC STRAINING 

The presence of pure elastic state with various elastic histories leads to the appearance of the 
distinctions in values of initial plasticity moduli, thus each stress-strain curve in the plasticity range is in 

fact characterized by two parameters - by the yield stress a 0 and by the initial plasticity modulus 

da / <¥i ,~'" . 

From the described above yield determination it is seen, that 00 < !p(O) , therefore the possibility of 

repeated elastic straining is reserved at some straining conditions. If at any moment ,= (a = a ,,-,p = pJ, the instantaneous additional loading is applied, the material behavior can be 

desribed by new instantaneous curve, which corresponds to p,. Let 1jJ (P) ~ <p(p) - cp(O) , then the 

equation of the new instantaneous curve will be 

From eqn.(1) the slope of the real stress~strajn curve, Le. do / apis always less than the slope of the 

instantaneous curve for the same point p; 

If we have the ordinary viscoelasticity without pure elastic deformation, then, as is mentioned above, 

<p' (0) ~ a' (0). In this case the condition d( K' a) / tip " 0 characterizes the hardening process and 

is always satisfied. In our present case when there is the pure elastic strain in the beginning J the initial 
plasticity moduli of the curves are not equal. Therefore it is natural to assume the following for the 
condition of plastic straining: 
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d. d" I -Ka;;,-Ka 
tip tip M() 

(19) 

When the condition (19) is disturbed, the material will be deformed in accordance with the new 
instantaneous curve, which was defined above. The appearance of the additional elastic strain is 
possible now. Performing differentiation in (19) and taking into account properties of the integral 

operator Ii, we obtain 

Here a 0 is the value of a at the moment t = to' Condition (20) applles the limitations on the value of 

a for the loading process conditions, remaining the plastic range. The limitations on the value of the 
loading rate allows to explain the propagation of the incremental waves at the elastic rate. Rates of the 

additional loads, as a rule are highly essential and exceed the permissible value of a .As an 
illustration we present the analysis of the torsional tests results [14]. The velocity of the initial torsion 

. . 
was r I = 5 X 10-5 

S-I , the rate of increment r 2 = 850s- l
• It turned out that part of increamental 

wave propagates at an elastic velocity; the new effect had been discovered - the drop of stresses 
upon the reaching of the yield stress during the application additional loading (Fig.B). Accounting for 

the constant rate of the additional loading and is applied at some instant t = 1
6

, then the rate a at the 

moment when the material changes to the plastic state can be determined from the following equation: 

It is clearly seen from (21) that for the certain combination of material parameters, the value of a 
may be negative. Fig. 6 demonstrates the results of analysis based on experimental data from [14] 
(the solid curves are the experimental, the dashed lines are the calculated by (21)). Figure? shows 
the experimental results from [151 , performed on the aluminum bars at torsion with the velocities 

y 1 ~ 1.66 x 10"' s"' and y, ~ 6.24 X 10-1 
S-I. The initial loading took place at the rate of y, 

(curve2) to the values of r!, r 2' r 3' r <I ,with the subsequent unloading and repeated loading at the 

low rate r 1 (curve 2). Curve 3 in Fig.? is the stimulated instantaneous curve. The cashed lines show 
the calculated curves for the repeated loading. 
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Fig. 1. 

When investigating the wave processes in materials described by the suggested model, it is 
necessary to take into account the existence of two constitutive equations: white the material is elasic 
it is the Hooke's Law, while when the material goes into the plastic stage, it is the eqn. (1). In the 
elasic stage the solution is to be found by usual methods of the theory of elasticity, in the plastic range 
it can be constructed by summing up the solutions of relaxation and common visco- elasticity 
problems.The detailed results of such approach are given in [16). 

CONCLUSION 

The demonstrated results show the success of the hereditary type of approach to the mechanical 
behavioral modeling for the metals under the various loading conditions and rates including the wave 
propagation phenomenon. 
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ABSTRACT 

A series of plate impact experiments has been performed to determine the shock loading behavior of 
dry sand. The sand was placed inside a copper cell and the stress levels were measured by means of 
manganin gauges. A simple numerical model was constructed based on the experimental data and 
used in the CAST-EDENTM hydrocode. Results indicate reasonable agreement between experiments 
and simulations given the relative simplicity of the model. Limitations and possible improvements of 
the model are discussed. 

INTRODUCTION 

The shock properties of geological materials have long been a source of interest. Traditionally, the 
main driving forces have been planetary impact and geological research. Recently, there has been a 
growing interest in the shock properties of concrete, where geologica! materials are added as 
aggregates [1-2]. In addition, there is a growing interest in the properties of sand because of 
applications such as destruction of ordnance and landmines [3-4]. 

Sand, like all porous materials, is still poorly understood compared to metals or liquids. There are only 
a handful of Hugoniot data [5] derived from tests in the 50s and 60s. The e<.periments reported here, 
were performed using the plate impact gas gun facility [6] of Cambridge University to assess the sand 
behavior under shock wave loading and establish the Hugoniot curve. The results were then used to 
construct a simple Mie-Gruneisen model which was used in conjunction with the CAST-EDEN 
hydrocode. 

MATERIAL DATA 

The sand used for the plate impact experiments was a quartz system originating from Weston-super
Mare in the United Kingdom and had a bulk density of 1450 kg m -3 at a porosity of 48 ± 2 % vol. 

PARTICLE SIZE DISTRIBUTION 

A series of sieves were used to define the grain sizes distribution. A sample of 100 g of dried sand 
was placed in the coarsest cut sieve and the sieve column left on a gently vibrating surface for half an 
hour. At this time the Sieves were subjected to gross manual shaking for a few minutes then left to 
gently vibrate for a further 30 min. The mass of sand in each sieve was measured. The tota! mass of 
sand left unaccounted for after the masses found in all sieves was summed was found to be < 0.3 g. 
Figure 1 shows the particle distribution obtained; the percentages given are based on the total mass of 
sand. 

THEORETICAL MAXIMUM DENSITY 

The theoretical maximum density of the sand was measured using a difference technique. A sample of 
sand, dried in an oven, was placed in a measuring cylinder of known mass. The mass of the sand and 
cylinder was recorded. Water was added to the sand until a layer of supernatant water was formed. 
The sand was agitated and air bubbles were eliminated. An ultrasonic bath was used in some of the 
measurements to eliminate small air bubbles but the results were not significantly affected. The 
volume occupied by the saturated sand and the volume of the supernatant liquid were measured from 
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the side of the measuring cylinder. Weighing the cylinder and its saturated contents, combined 
knowledge of the density of water allows the mass of the sand and its porosity to be obtained. 

The density of six samples of sand was taken and the density of the sand material with no porosity 
was found to be 2550 ± 50 kg m-3 
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Figure 1. Size distribution in the sand studied. Note: sample 1 did not have the 20 lJm cut sieve in the 
column. 

EXPERIMENTAL METHOD 

Experiments were performed using a single stage light gas gun (figure 2). This has a 5 m long, 50 mm 
bore barrel and uses air or helium at pressures of up to 350 atmospheres. It is capable of velocities up 
to 1200 m S-1. The projectile consists of a plate of copper 10 mm thick mounted on the front of a 
polycarbonate sabot. A recess on the front of the sabot ensures that only the copper plate interacts 
with the sample on the time scale of the experiments. The thickness of the sample, the sound speeds 
of the materials used including the sand allow up to 9 J.lS of useful data to be gathered. The timescale 
and the impactor are towards the upper end of those commonly used in this area of shock studies. 

Figure 2. Two views of the plate impact facility. Left hand view shows the barrel with the driving 
reservoirs at the bottom of the image and the expansion chamber at the top. The right hand view 
shows the gun with diagnostics including oscilloscopes with gauge power supplies alongside. The box 
alongside the gun at knee height holds the VISAR system capable of recording velocity time histories 
with a time resolution of 2 ns. The device at waist height at the right hand side of the image is the 
ultranac FS501 camera capable of a framing rate of twenty million per second. 
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The sample consists of a 3mm bed of sand inside a copper cell. The cell is in four parts as shown in 
figure 3. A cover plate 2 mm thick fronts the cell, a gauge is mounted in epoxy between this plate and 
the 2-3 mm thicl< copper plate behind it. The next plate has a 3 mm recess in which the sand is 
mounted. The recessed plate has a 1 mm thick rear face after which a second gauge is mounted in 
epoxy. The rear plate is 10 mm copper. 

In these experiments the sample mount was aligned to an accuracy of <1 IJm, an angle of <1 mrad, to 
the end of the barrel using a dial gauge prior to each experiment thus allowing a highly planar impact. 
The projectile is one half to two thirds within the barrel at impact so removing the effect of tumbling; a 
possibility, if the projectile was in free flight before impact. The impact velocity is measured using a 
sequential array of shorting pins mounted at the end of the barrel to an accuracy of 0.1%. The velocity 
of the impactors used was varied in steps of approximately 150 m S"1 from 200 to 960 m S"1 

The gauges used are manganin piezoresistive gauges which alter resistance with pressure but not 
with any shock-induced temperature effects. The gauges are widely used and have been 
independently calibrated by several groups worldwide. In this configuration the time resolution of the 
gauge is of the order 200 ns. 

2mm 2-3 mm 

/1 mm 

10 mm 

3m~ 

Figure 3. The Cell. AI! cell components are made from copper 
(Cu 101). In the experiments, all cell dimensions were recorded 

90 mm to an accuracy of ±0.01 mm. 
diameter 

If the gauge is mounted in polymethylmethacrylate (PMMA, lucite, perspex, plexiglass) the time 
resolution is of the order 30 ns as the polymer components of the gauge are impedance matched to 
the PMMA. However, analysis of the gauge data requires an accurate knowledge of the coefficient for 
the stress transmission across the interface. This impedance mis-matched interface also introduces 
more wave reflections in the system thus complicating the analysis. It is normal and desirable to use 
the gauges in the embedded configuration first, to gain the Hugoniot stresses, then to perform 
experiments with the gauge in PMMA to obtain wave profiles with greater resolution. Alternatively, a 
velocity interferometric technique (VISAR) may be used. 

In either configuration the gauges act as time of arrival sensors, a fact that is exploited in the data 
analysis presented later. 

QUALITATIVE ASPECTS OF DATA PRODUCED 

EXPERIMENTAL DATA 

Figure 4 shows the data from shots at velocities of 200, 354, 505 652, 812 and 969 m S-1. There are 
simi!arities between the gauge outputs seen in aU experiments. The front gauge shows a rapid rise to 
a flat topped pulse. The height of this pulse is defined by the copper Hugoniot as the impactor and the 
front plates of the target are copper. The stress !evel increases with velocity and the width of the pulse 
is defined by the thickness of second plate in the target, as will be shown later. 
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Fipure 4. The output of the gauges from experiments with impact velocities of (a) 200 m s"\ (b) 354 m 
s· , (c) 505 m 5', (d) 652 m 5" (e) 812 m 5' and (f) 969 m 5'. The time bases of all experiments are 
set so the initial rise of the front gauge is at 0 jJS. The stress measured is that In the copper cell. 

196 



The shock impedance of a material is defined as the density multiplied by the shock speed, In this 
experiment the copper impedance is of approximately 2,5 times that of the sand, This has important 
consequences in the reflection of waves in the system. 

IDEALIZED APPROXIMATION 

For an initial qualitative explanation, a homogeneous material is assumed, The shock wave geometry 
is dependent on the target configuration used in the experiments reported here. Figure 5 shows the 
basic wave structure which develops in the system. The initial impact produces a shock wave which 
propagates into the target and into the impactor. 

A compression wave is partially transmitted and reflected as compressive waves when going from a 
low impedance material to a high impedance material. When a compressive wave transmits from a 
high impedance materia! into a low impedance material, the transmitted wave is compressive but the 
reflected wave is a partlal release which takes the stress from a high state to a lower state. When a 
wave reaches a free surface, it is reflected as a full release which takes the material from a high stress 
state down to the ambient conditions prevailing around tre sample. In this case, the ambient pressure 
was 1 mbar, as the shots take place in a rough vacuum. 

Taking the processes occurring at the gauge locations as shown in figure 5 the gauge traces expected 
from this system can be predicted as shown in figures 6 and 7. When the traces in fjgures 6 and 7 are 
compared with the results seen in figure 4 the agreement is qualitatively correct however there are 
some differences. 
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Figure 5. Wave propagation in the present 
experiment in distance/time space, Compression 
pulses are represented by solid lines and 
releases by dashed lines. Cp indicates a partially 
transmitted compression, rC indicates a 
recompression. R indicates a full release back to 
ambient conditions while Rp is a partial release, 
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Figure 7. Idealised trace for rear gauge, 
on wave diagram in figure 5 

In some of the front gauge traces there is a dip immediately before the steep initial rise. This is due to 
capacitative linking between the gauge, the epoxy surrounding, which acts as a dielectric, and the 
copper plates on either side of the gauge. If the plates are rapidly brought together there is a smai! 
change in the electrical environment of the gauge and this causes a current to flow, resulting a small 
dip in the trace. This has been seen in many plate impact traces and is widely reported. 

In some cases, there is also a negative dip in the front gauge found when the partial release wave 
reaches it. This is not predicted by the idealized model and is a result of the slight difference in the 
particle velocity between the copper plates and the epoxy layer holding the gauge in place. This 
means that if the front gauge trace shows such a negative transient the data after this transient should 
be used with caution. The mode! follows the ideal case, without the negative dip. 

Given the granular nature of sand the rising parts of traces are not instantaneous as the idealized 
case predicts. Instead a ramp is seen due to the collapse of pores in the system. A simple way of 
viewing this shape is outlined by Gilman and dates from the 1960's [7]. Gilman's argument is based on 
work done by the wave and can be summarized as waves Wlich do little work travel fast and those 
which do predominantly plastic work travel slowly. In the case of a granular structure the pore collapse 
can be described as falling into three phases, The fastest traveling wave moves through the skeleton 
of the sand as illustrated in figure 8. This is followed by the main collapse of the bed which takes it to 
<5% porosity. Finally, the last few pores are closed by the higher pressure. In reality it would be 
unwise to regard these phases as distinct, as they blend into a single continuous wave shape. 

REPRODUCIBILITY 

Sand is a statistical material and therefore, some variation can be expected from sample to sample. 
Repeat shots were performed at velocities of 350 and 500 m S·l. The degree of apreement between 
the rear gauge traces was excellent as shown in figure 9 for the repeats at 500 m s-
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Figure 8. The wave shape for porous bed collapse 
the ideas of Gilman. 

Figure 9. The reproducibility of shots following 
at 500 ms -1. The rear gauge traces are shown. 

OVERALL COMPARISON 

Figure 10 shows the variation in the transmitted pulse for shots ranging from 354 to 939 m S-l, Two 
features are immediately evident, at higher input stresses it takes less time for the shock pulse to be 
transmitted i.e. the sound speed increases. The other feature not so evident in the traces, is that the 
degree of attenuation caused by transmission through the sand decreases as the input stress 
increases. This can be seen in figure 5 (a) - (f) by comparing the maximum height of the input pulse 
and the maximum height of the output pulse. This is due to the sand having a finite and relatively fixed 
compression threshold, as the input stress increases in intensity comparatively less of its energy is 
required to collapse the bed and therefore more is transmitted. 
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Figure 10. Output pulses from 3 mm sand beds of 
the impact velocity indicated in m S·1 by the legend. 
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THE SAND HUGONIOT 

Figure 11 illustrates the sand and Copper Hugoniot interactions for the experimental set up. It can be 
seen that the only direct information extracted for the sand is the shock wave velocity. However, in 
order for the Hugoniot curve to be obtained an initial density value reeds to be used. In norma! 
materials this value corresponds to the elastic initial density. However for porous materials it is not 
certain if this value or the theoretical maximum density is appropriate. For that reason, two Hugoniot 
curves have been constructed. Figure 12 illustrate the Hugoniot on the shock wave velocity (Us) -
particle velocity (Up) space while Figure 13 the Hugoniot is illustrated in the Stress - particle velocity 
space. In addition, previously published quartz sand data [5] are also plotted for comparison purposes. 
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Figure 11: Hugoniot interactions of Sand and Copper Figure 12; Sand Hugoniot in Us-up space 
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Therefore, two Hugoniot curves are constructed: 

Figure 13: Sand Hugoniot in P-up space 

Us = 0.511 (km S·') + 1.72 • Up v.ith initial density 1450 kg m-3. 

Us = 0.475 (km S·') + 1.83 • Up with initial density 2550 kg m·3. 

200 



HYDROCODE SIMULATIONS 

The experiments were modelled using the 2-d version of CAST-EDEN hydrocode provided by QinetiQ 
and Fluid Gravity. It is an Eulerian code and runs under RedHat Linux 7.1. The computer has an AMD 
Athlon-Thunderbird 900 MHz CPU and 458 MB of SDRAM. The material model for Copper had an 
Extended Mie-Gruneisen Equation of State (EoS) and a Hull constitutive model. 

For the sand, a standard Mie-Gruneisen EoS was used with a linear Us-up relationship with no 
constitutive relation. Hence the material was assumed to be hydrodynamic. The sand EoS parameters 
are given in table 1. 

Table 1: Sand EoS parameters: 

RHO - The ambient density (kg m-, 1450 25S0 

C - The ambient bulk sound speed (km s ) 0.511 0.475 

S The slope of the shock velocity/particle velocity 1.72 1.X3 
curve 

GAMMA - The initial Gruneisen gamma ratio (2S-1) 2.44 2.66 

For all the calculations, symmetry was used along the propagation axis, The mesh had 5 cells per mm, 
and for 7 ,us of experimental time, 15 minutes of computational time were needed, A single simulation 
was performed using 10 cells per mm for experiment with the impact velocity of 811 m s\ as 
illustrated in Figure 14 for 2,55 g cm-3 initial density, The computational time was 1 h 30 mins, It can 
be seen that the results are similar but the computational time is significantly higher for the finer mesh. 
For that reason, all the simulations were performed using the cruder mesh, Finally, Lagrangian points 
on the computational mesh were used to simulate the gauges. 

Figures 15-20 illustrate the experimental traces together with the simulation results for six different 
impact velocities. The longitudinal stress is illustrated for the gauges and the hydrostatic pressure is 
illustrated for the simulations. 
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Figure 14: Results for 811 m S·1 simulation 
at different mesh resolution 
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Figure 15: Results for 200 m 5-
1 impact 
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Figure 16: Results for 351 m 5-1 impact 
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Figure 18: Results for 652 m 5-
1 impact 
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Figure 17: Results for 505 m S"1 impact 
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Figure 19: Results for 811 m 5-
1 impact 

Figure 20: Results for 969 m S·1 impact 

From the figures, it can be seen that the simulations predict the first gauge trace with reasonable 
agreement, which corresponds to a copper-an-copper impact. Therefore, the current model for Cu can 
adequately describe the copper properties. In addition, the time between the Lagrangian points agrees 
weI! with the time difference of the two embedded gauges. There is less agreement for the rear gauge. 
The sand model with initial density 1450 kg m-3 always under predicts the first step of the gauge. 
However, when the theoretical maximum density is used, the agreement on the height of the first step 
is better at low impact velocities but is progressively over predicted at higher velocities. Both models 
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over predict the duration of the first step for low velocities but match closely for impact speeds in 
excess of 811 m S-1. The main cause for this is that the porosity remains constant in the model but in 
reality the porosity and by extension the bed thickness decreases significant!y during shock 
compression. Therefore, these discrepancies could weI! be attributed to the simplified nature of the 
sand model. The version of CAST used, does not support a porous EoS and therefore the predictions 
are for an idealized case. A more sophisticated model is required where porosity and strength are 
considered. Finally, note that when modeling a gauge mounted in epoxy, it is suggested that this be 
included as a 0.2 mm thick layer of PMMA. However, because of the fine mesh resolution needed, no 
such layer was introduced in the simulations. 

CONCLUSIONS 

Severa! longitudinal shots have been performed on dry sand. The results are reproducible and the 
sand is well behaved. Two Hugoniot curves were constructed based on initial and theoretical 
maximum densities and were used to perform simulations using the CAST-EDEN hydrocode. The 
simulations are in reasonable agreement with experiments. However, it is apparent that the model has 
a limited use and a more sophisticated model is needed which should include porous collapse. 
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Characterisation and Modelling of a Bi-layered 
Polymer Material 

ABSTRACT 

M. Welle, W. Riedel, S. Hiermaier, K. Thoma 
Fraunhofer Institut fOr Kurzzeitdynamik, Ernst-Mach-Institut (EMI) 

Eckers!r. 4, D-79104 Freiburg, Germany 

For severa! decades, polymers have been the standard materia! type for automobile interior 
components. In the past, such components were primarily designed with respect to functionality and 
styling. Nowadays, the integration of airbags and the implementation of severer passenger security 
standards have classified many components as safety relevant. The present study demonstrates the 
state of the art in characterizing, modelling and simulating a bi~layered polymeric materia! under crash 
relevant conditions. Important is the application of a new optical strain measurement technique within 
the whole range of temperatures and strain rates. The capability of a state of the art modelling 
approach in a finite element scheme with explicit time integration [1 J to replicate dynamic deformation 
and failure is demonstrated. 

INTRODUCTION 

The present study describes the results of a cooperative study between the Fraunhofer Ernst-Mach
Institu! (EMI) and an indus!rial partner. 

" 

Figure 1; Simulation of component test 

The investigated material was a bHayered polymer. It 
is used for typical automobile interior components 
consisting of two thermoplastic layers on 
Polypropylene basis - a base and a cover material. A 
precise description of the material behaviour, in the 
present case with respect to typical conditions for 
crash applications, is an important precondition for 
reliable vehicle simulations. Therefore, the 
experimental characterization and the investigation of 
numerical models are following a specific procedure: 
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Separate characterization of both materials in 
tensile tests 

Derivation of model parameters and simulation 
of tensile tests 

Validation of the numerical model of the 
composite materia! 



MATERIAL CHARACTERISATION 

OPTICAL STRAIN MEASUREMENT 

One key aspect of dynamic testing of thermoplastics S the choice of an appropriate measurement 
technique. Standard strain methods as cross head displacement, strain gauges or extensometers have 
only limited applicability for dynamic testing. With these methods, it is not possible to measure the 
entire plastic hardening curve detail. Failure strains of polymers can reach up to several hundred 
percent Furthermore, local strain distributions can cause in uniaxial tensile tests a necking effect and 
with subsequent cold-drawing. For this reasons, a new measurement technique - an optical strain 
evaluation procedure - has been developed at EMI [2]. 

lmaqei(kt) 

d, 

Figure 2: Principle of optical strain measurement 

The principle of this optical strain measurement is based on displacement analysis by greyscale 
correlation of digital picture series. Therefore, a significant natura! or artificial surface colour structure 
is essential. However, irregular grids can be used. A high-speed camera is recording digital images of 
the surface of the specimen during the test. Based on these images the local displacements are 
investigated via grayscale correlation. The determination of true strains is following the technique used 
in commercial numerical codes, allowing direct comparison between experimental and simulation 
data. 

The local displacements are calculated for a reference area that has the size of a typical finite 
element. Figure 3 shows the significant differences among stress-strain curves obtained for different 
strain measurements techniques with different reference lengths. 

total true strain [ . J 

Figure 3: Comparison of stress-strain curves obtained with different reference dimensions 
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TENSILE TEST 

Experimental investigations 

Both materials were characterized using uniaxial tensile tests. The loading conditions for the test 
program were typical for crash applications - three different strain rates (quasi-static, 2/s and 200/s) 
and 3 different temperatures (_35 D C, 23°C, 85"C). Several specimen geometries were used for each 
material, they were optimized in order to reach specific strains and strain rates. Specimens were taken 
out in parallel and normal orientation with respect to extrusion direction of the raw material to analyze 
a possible manufacturing influence. 

In all tests up to a strain rate of 2/s a hydraulic testing device was used. The test specimens were 
fixed with special low-weight grips. Figure 4 shows the system with climate chamber, high-speed 
camera and illumination (foreground: test chamber, background: supplier chamber). 

A special drop weight facility was used to reach a strain rate of 200/s (fig. 4). A specimen was fixed 
between a load cell and a yaw. An impactor with linear guides hit the yaw and expanded the 
specimen. For the tempered tests a climate chamber was used. 

Figure 4: Experimenta! investigations - hydraulic test device (left), drop weight facility (right) 

The samples were loaded uniaxially up to failure. Results of all experiments were the global load and 
displacement signals, Additionally, the surface texture of the test specimens was recorded by a high
speed camera to get digital images for the optical strain measurement. 
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Base material 

For statistical reasons all test configurations were replicated four times. A choice of exemplary results 
is shown in the following graphs. Figure 5 shows results of tests which were made at different strain 
rates and Figure 6 shows results at different temperatures. 

displacement [mm] total true s-train !" J 

Figure 5: Load-displacement (left) and true stress-strain (right) at different strain rates and T = 23°C 

The following properties could be noticed: 

The Young's modulus is largely independent of the applied strain rate. 

The plastic material behaviour strongly depends on the strain rate. Load level and load 
maximum clearly increase for higher strain rates. 

FractUre strain is subject to a variation, which is typical for polymers (fig. 6). Nevertheless, the 
average fracture strain decreases with increasing strain rate. 
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Figure 6: Load-displacement (left) and true stress-strain (right) at a strain rate of 2/s 

The following temperature sensitivities could be noticed: 

The Young's modulus decreases with increasing temperature. 

Load level and maximum load decreases significantly with increasing temperatures. 

Average fracture strain increases with higher temperatures. 

Strain rate influence on force level and fracture strains decreases with falling temperatures. 
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Cover material 

The behaviour of the cover material is qualitatively similar to the base material with respect to 
temperature and strain rate effects. Therefore, only one exemplary result is shown in Figure 7. 
Compared to the base material, the load level of the cover material is lower, whereas the average 
fracture strain is higher. 
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Figure 7: Load-displacement (left) and true stress-strain (right) at different temperatures (dddt = 2/s) 

However, differences concerning isotropy can be noticed. In contrast to the isotropic base material, 
the cover material shows anisotropy. This behaviour is caused by the thin lacquering. Figure 8 
compares fracture strains of transverse and longitudinal specimens. It can be seen that the transverse 
samples have a higher fracture strain as the longitudinal samples. Furthermore, Figure 8 shows that 
the tests are reproduceable. 

The images (fig. 8) point out that the lacquering causes the detected anisotropic behaviour as the 
adhesive strength varies with the loading direction. 
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Figure 8: Stress-strain curves and images of samples after loading 
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SIMULATION 

A finite element program with explicit time integration (commercial code PAM -CRASH [1]) was used 
for the simulation of the dynamic loading. The specimen was discretized by shell elements (4- nodes, 
single integration point). 
An element of the type using the Belotschky-Tsay formulation was employed. To describe the material 
behaviour, an elastic-plastic material law for sheJis with elastic stiffening and failure (MAT 143) was 
used. The measured total stress~strajn curves served as input. Different analytica! strain rate models 
can be used to model strain rate effects. In this study the Cowper-Symonds law (3J was used as a 
closed analytical approach. The input of a basic stress-strain curve eJO(E) and of two parameters 0 and 
p, describing the experimental dependency (fig. 9), is required for this description [1]. 
Only the sample section between the grips of the loading device was modeled. All degrees of freedom 
were fixed at the lower edge, at the upper edge a velocity boundary condition was prescribed for all 
nodes. In the horizontal direction the grid resolved 10 elements to accurately simulate necking effects. 

o 

• 

Figure 9: Numerical model (left) and analytical strain rate model (right) 

Based on the measured true stress-strain curves derived in the uniaxial tensile tests, parameter sets 
for the Cowper-Symonds model were derived for both materials at each temperature. The maximum 
strain of the total true stress-strain curves was used as failure criterion. Figure 9 shows the numerical 
model and an exemplary input curve. The investigated numerical models were separately validated on 
the basis of local stress-strain and global load-displacement characteristics in simulations of the 
tensile tests. Figure 10 shows exemplary experimental and simulation results. Good agreement of the 
simulation results and the experimental data can be stated. Both load !evel and fracture strain were 
reproduced in a good quality. 
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Figure 10: Comparison between experiment and simulation at ambient temperature 

In summary, the materia! law chosen, the input curves and the Cowper-Symonds parameters could be 
verified as an appropriate description of the material behaviour in the considered strain rate range. 
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COMPONENT TEST 

EXPERIMENTAL SETUP 

A component test, based on a future practical application, was performed to validate the simulation of 
the composite material behaviour. A circular plate of the composite polymer material was impacted at 
7 m/s by a circular rod with hemispherical nose. The plate was fixed at the outer edge and had an 
external diameter of 90 mm. A drilled hole in the middle of the plate defined a predamage. The 
impactor (mass 3.16 kg) impacted the plate center. The experiments were performed at different 
temperatures t35"C, 23"C and 85 C). Load and displacement were recorded. Additionally, a high
speed camera took images of the dynamic deformation and failure behaviour. 

Figure 11: Component test - experimental setup 

Good reproducibility of the experimental results was obtained (fig, 13), Exemplary results for different 
temperatures are shown in Figure 12. The following properties cou!d be observed: 

The load !evel decreases and maximum displacement increases with higher temperatures. 

The slope of force progression is similar at all temperatures. 

The plateau at the beginning of the load curve gets longer with increasing temperatures, 

displacement [mm] 3cm 

Figure 12: Load~displacement curves for component test (left) and sample after failure (right) 
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SIMULATION 

The numerical simulation of component test was performed using shell elements for the plate, A high 
grid resolution was used to reproduce details of the failure behaviour. Base and cover material were 
discretized separately and connected by a tied contact (type 32). At the outer nodes, all degrees of 
freedom were fixed. The impactor was modeled as a rigid body and had an impact velocity of 6.8 m/s. 
The contact between impactor and composite material was modeled with a sliding contact (type 34). 
[1J 

The input data was given by the determined input curves and the Cowper~Symonds parameters. The 
simulation results matched experimentally observed load level as weI! as the peak load. In order to 
estimate the influence of the anisotropy of the cover material detected in the uniaxial tensile tests, 
simulations with different sets of input data were done. 

time [5] 

Figure 13: Comparison of experimentally observed and simulated load curves at 
ambient temperature (left) and numerical model (right) 

(over material 

An exemplary simulation result at a temperature of 23°C is given in Figure 13. The slope of the load 
curve, the maximum load level and the absorbed energy could be reproduced very well. 

However, deficiencies in terms of the failure behaviour were noticed. Simulations with excentric impact 
gave a better agreement of the load-displacement curve during the fracture process. Another 
explication could be the fact that friction between composite material and impactor is not incorporated 
in the model. 

The anisotropy had no important effect on the com ponent test, contrary to the uniaxial tensile test. 
There were no significant deviations of the simulation results using the different input data sets for the 
cover material. 

Due to the position of the camera with a view normal to the plate, the 2D-images taken in the 
experiments could only be used to qualitatively compare the deformation. Parallel to the impact 
direction the possibilities for comparison of experimental and simulated deformation and failure 
behaviour are limited. 
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CONCLUSION 

SUMMARY 

This paper has described the state of the art study to characterize, model and simulate a bi-Iayered 
polymeric materia! under crash relevant conditions. The material behaviour was measured by 
separate uniaxial tensile test campaigns for both material layers. Th e application of a new optical 
strain measurement technique within the whole range of temperatures and strain rates was of central 
importance. Thereby it was possible to investigate true stress-strain curves for extremely high 
elongations and strong localisation effects which are typical for polymers. 

The corresponding numerical simulation with a finite element program with explicit time integration 
could validate the material model approach, the determined input curves and the pf,lrameter set for 
Cowper-Symonds strain rate dependency. 

In order to validate the composite material behaviour, a component test was made, based on a future 
practical application. The combination of material models adequately described the composite 
behaviour. Only the failure evolution could not be predicted in all details. 

As an overall goal, the capability of a state of the art modelling approach in a commercial crash code 
to replicate dynamic behaviour crash relevant polymer components was demonstrated. 

PERSPECTIVES 

In further studies, high-speed cameras with higher pixel and time resolution will be applicable. Thereby 
improved stress-strain data for measurements with high strains or strain rates can be obtained. 

Additionally, a 3D-optical evaluation of the component test is being developed to provide spatially 
resolved deformations. A detailed comparison of experimentally observed deformations and simulated 
data in all 3 directions is the goal. 
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